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11 Introduction
1.1 Motivation and Objective of this Work
The history of electrical machines is characterized by the ongoing effort to increase power
and torque density. Temperature limits are continuously increased by using the latest
available materials. However, in nominal operation machine losses and heat dissipation
need to be in balance and the stationary temperatures have to stay below the specified
temperature ratings. Consequently, a good prediction of machine losses is essential for
the design of electrical machines. Only if all machine losses can be determined, a reli-
able prediction of continuous output power and efficiency is possible. The total machine
losses are the sum of iron losses, copper losses, mechanic friction and in case of permanent
magnet machines also magnet losses. The copper losses are subdivided into ohmic losses
and additional eddy current losses occurring due to current displacement. The current
displacement is caused by magnetic stray fields penetrating the conductors. In narrow
winding slots, typical for rotating field machines, the stray field is almost one-dimensional
which simplifies the differential equations and allows an analytic calculation of eddy cur-
rent losses [Dow66] [Vog96].
In switched reluctance machines though, the stray field in the winding slots is not one-
dimensional. Due to the salient pole geometry, the windings close to the air gap are
penetrated by a two-dimensional stray field that varies as the rotor passes by. Further-
more, switched reluctance machines are operated in magnetic saturation which causes
non-linear behavior. Since the constraint of a one-dimensional stray field is not fulfilled,
the above mentioned equations are not physically justified for eddy current loss calculation
in switched reluctance machines.
Due to the lack of general analytic equations, winding eddy currents are often neglected in
the design process of switched reluctance machines. For many designs this is not critical,
since eddy currents are in fact often negligible. Low power machines for grid operation
are an example in which the wire diameters are normally small enough to neglect eddy
currents. However, eddy currents gain importance as the copper cross sections increase,
which is in particular the case in high power machines with low turn numbers. In such
machines it might be necessary to use litz wire [Mil93]. Because of the strong stray field
in the air-gap region, it is also recommended not to place conductors close to the air gap
even if this measure decreases the fill factor [Rei98]. Nevertheless, concrete instructions
for optimal winding design are missing.
Within this work a switched reluctance traction drive was investigated at the Institute
for Power Electronics and Electrical Drives (ISEA) in Aachen. Three different winding
geometries were applied to the prototype machine. Measurements resulted in distinct
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differences of machine efficiency (88.5 %, 90.5 %, 93.4 %), obviously originated in differ-
ent eddy current losses. The publication of Klauz is the first and only known work in
which eddy currents in switched reluctance machines were calculated by finite element
simulations [Kla03] [Kla06]. The average copper losses of a low voltage machine with four
turns per coil were found to vary by over 600 % between the different conductors. Klauz’
results confirm clearly the need to consider eddy current losses in the design process of
new machine designs. However, the presented simulation models need to be built man-
ually for each investigated geometry. Thus, a variation of the winding geometry implies
an unreasonable effort. Moreover, solely single pulse operation was investigated. The
main objective of this thesis lies in the development of a universal simulation process for
switched reluctance machines that includes eddy current losses and allows the operation
with different control structures like hysteresis control, single pulse operation or pulse
width modulation (PWM). An important aspect is the development of a tool for fully au-
tomated generation of finite element models with adjustable winding geometry. This is a
key requirement to allow design optimization based on geometry variation. The inclusion
of converter losses, iron losses, friction losses and end-effects completes the simulation
model. As a result, the new simulation tool allows to predict performance and efficiency
of new machine designs very accurately.
Since the focus of the thesis lies on the determination of winding eddy currents, the fun-
damentals of analytic eddy current loss calculation are presented in detail. It is assumed
that the reader of this work is familiar with the functional principle of switched reluc-
tance drives and that terms like flux-linkage characteristic or turn-on and turn-off angle
are known. A comprehensive introduction to switched reluctance drives and their controls
can be found in [Mil93]. Furthermore, it is referred to the script of De Doncker [De 06]
and to the theses of Inderka [Ind03a] and Fuengwarodsakul [Fue07].
1.2 Outline of this Work
Chapter 2 - Switched Reluctance Machines - Design and Verification
In this chapter the common design approach for switched reluctance machines is intro-
duced. Various aspects of the design process are discussed. Due to the focus of this work
attention is paid to the winding design process. Measurements of an example machine
illustrate that a variation of the winding geometry can significantly change the machine
performance.
Chapter 3 - Fundamentals of Analytic Eddy Current Loss Calculation
This chapter describes in detail the fundamentals of analytic eddy current loss calculation.
The required equations for the calculation of current displacement in electric conductors
are discussed. The difference between the terms skin effect and proximity effect is ex-
plained and illustrated with the example of a slot winding. It is shown that Fourier
series can be used to apply arbitrary current waveforms to the analytic equations for eddy
current losses calculation.
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Chapter 4 - Finite Element Model
In chapter 4 a newly developed procedure for finite element based simulation of switched
reluctance machines is presented. The model includes all types of losses. Especially the
inclusion of winding eddy current losses requires detailed conductor modeling. All steps
related to geometry modeling, transient solving and post processing are discussed in detail.
The chapter ends with verification measurements that are used to assess the quality of
the new modeling method.
Chapter 5 - Analysis and Optimization of Winding Designs
Using the new finite element model, the different winding configurations of a test machine
are analyzed. The spatial distribution of the losses is illustrated and compared to analytic
predictions. It is shown that eddy current losses can be reduced significantly by changing
the winding geometry. More efficient winding geometries are proposed and verified by
simulation.
Chapter 6 - Influence of Current Displacement on Machine Characteristics
It is found that the flux linkage characteristic of a switched reluctance machine does not
only depend on phase current and rotor position but that it is also affected by current
displacement inside the conductors. Different methods for flux linkage determination are
compared and the influence of current displacement on torque prediction is analyzed.
Chapter 7 - Concluding Remarks
The complete work is summarized and future perspectives are pointed out.
Appendix
In the appendix, all used symbols are summarized and briefly described. Indices as well
as abbreviations are explained and selected equations are derived in detail. Furthermore,
an overview of the OKOFEH (Optimized Components for Electric and Hybrid Vehicles)
project is given.

52 Switched Reluctance Machines - Design and
Verification
This chapter gives a short overview of the state-of-the-art design process for switched
reluctance machines. Winding design is discussed in detail. Both the determination of
optimal winding turn numbers and the mechanical implementation of different winding
designs are discussed. With the example of a 55 kW traction machine it is shown that
solely a variation of the physical winding geometry can change the total copper losses
by hundreds of percent which in consequence changes the nominal machine power signif-
icantly.
2.1 Common Design Approaches
Switched reluctance machines are operated in deep saturation which explains their distinct
non-linearity. The design of such machines is a complex task and a lot of expertise is
required to achieve good results. Machine performance depends on numerous parameters
which interact strongly with each other. Some of these parameters are narrowed down by
the application itself. For instance, in a high-speed application, which is not sensitive to
torque ripple, the machine is preferably built as a single or double phase machine which
keeps the converter costs low. In contrast, a traction drive needs to produce high torque
at all rotor positions and therefore typically has three or four phases.
Often the outer machine dimensions are limited by the given space and the design task
is to maximize the performance. In this case, performance targets have to be identified
and weighted according to their relevance for the particular application. Criteria like
continuous power, peak torque, low noise or simply costs are examples of different opti-
mization criteria. To solve this multi-parameter problem experienced machine designers
and sophisticated tools are required.
In [Fue05b] a method for sizing and designing switched reluctance machines based on a
normalized flux linkage diagram is introduced. The presented equations and diagrams give
a good insight into machine behavior and help to understand the impact of the different
design parameters.
Matveev presents a comprehensive overview of the design process of switched reluctance
machines in [Mat05]. Focusing on analytical calculation methods, all decisive design
aspects are addressed and algorithms for efficient machine synthesis are proposed.
The most popular design tool for switched reluctance machines is the software package
PC-SRD developed by the SPEED consortium [Mil04b]. PC-SRD is a powerful simulation
software which works on the basis of a lumped parameter machine model. The analytic
calculation method makes PC-SRD fast and allows the calculation of single operating
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Machine Configuration
Determination of Optimal Phase and Pole Pair Numbers:
required starting torque – noise (eigenfrequencies) – converter costs – etc. 
Design Targets
Identification and Weighting of Design Targets: 
continuous power – peak torque - torque ripple – maximum speed
low noise – costs - cooling method – etc.
Optimization of the Lamination Cross-Section:
(assuming a certain current density and copper fill factor) 
Geometry Layout
Determination of Optimal Turn Number:
trade-off between maximum torque at high speed (dc-link voltage)
and maximum torque at low speed (converter currents) 
Electrical Winding Design
Thermal Modelling Based on Predicted Losses:
(copper losses calculated with rms phase currents) 
Thermal Verification
Prototype Realization
Figure 2.1: Typical steps in the design process of switched reluctance machines
points within few seconds. For an automated machine simulation and stepwise opti-
mization process, a MATLAB to PC-SRD coupling using ActiveX control elements was
programmed at ISEA. Prior to each simulation cycle MATLAB sends the geometry and
control parameters to PC-SRD and receives the simulation results afterwards. This tool
allows objective comparison of various machine designs. The optimization process it-
self can be implemented with known methods like gradient based methods, Monte-Carlo
method or genetic algorithms [Mat05]. Typically, finite element simulations are performed
to verify the analytic calculations and to check a chosen design.
In any case, the design of switched reluctance machines runs through several steps. Figure
2.1 presents a design chart that roughly describes these steps. The chart is deliberately
kept abstract and does not address a particular design method. The intention is to give an
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overview of typical design steps the designer faces. In the following sections some aspects
of these steps are discussed and in particular the winding design and the mechanic winding
layout are illustrated with an example.
2.2 General Aspects of the Design Process
2.2.1 Current Density
After the machine configuration is fixed the next step is the optimization process of the
cross section. The most influential parameters regarding machine performance are the
air-gap radius and the pole arcs, which determine the width of stator and rotor poles.
The variation of these parameters influences both the magnetic design and the size of the
winding slots. For an objective comparison of different geometries, boundary conditions
have to be defined. Usually, the designer assumes a certain value for the dc current density
JDC which is limited for thermal reasons. JDC represents the constant value of the uniform
current density inside the conductor’s cross sectional area Scond. Hence, the multiplication
of JDC and Scond yields the RMS conductor current:
Icond = Scond · JDC (2.1)
Together with the slot filling factor ηslot the magnetomotive force Θcoil of one coil can be
calculated in dependency of the available slot area Sslot:
Θcoil = Sslot · ηslot · JDC (2.2)
On the one hand, the magnetomotive force increases with the size of the slot area. On
the other hand, with increasing slot area the width of the poles decreases which in return
reduces torque. Hence, for a given current density the optimal machine design has to be
found by simulation and comparison of different machine geometries. In literature one
can find typical values of current densities for use in different applications. Tables 2.1 and
2.2 present values stated in [Hen94] and [Vog96]. With 10 - 30 A/mm2 Hendershot gives a
large range for the current density in case of liquid cooling. However, the higher numbers
are only appropriate for designs with cooling tubes integrated into the slots or for direct
conductor cooling with coolant circulating inside hollow conductors.
Condition A/mm2
Totally enclosed 1.5 - 5
Air-over/Fan-cooled 5 - 10
Liquid cooled 10 - 30
Condition A/mm2
Air 3 - 5
Liquid cooled 7 - 10
Direct liquid cooled 13 - 18
Table 2.1: Typical current densities for brush-
less permanent-magnet motors
for different cooling conditions.
Source: [Hen94]
Table 2.2: Typical current densities
for synchronous motor for
different cooling conditions.
Source: [Vog96]
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For standard stator designs with jacket cooling and plug-in coils, the maximum current
densities for continuous operation are at the lower end of the indicated ranges. From
the author’s experience not more than 8 - 10 A/mm2 are realistic unless special measures to
optimize the thermal conductivity between coils and stator are taken. Stator potting or
oil mist cooling are examples of such measures. Especially in integrated traction drives
with high power density oil cooling is common [Tak05].
Generally, the following has to be considered when talking about current density in ma-
chine windings. The maximum current a winding can carry is limited by the total losses
produced by the current itself. As a minimum, the total losses are the so-called dc losses
PνCuDC which represent the ohmic losses of an RMS conductor current no matter if it is
an ac or dc current:
PνCuDC = RDC · I2 (2.3)
If the winding carries an alternating current this current causes eddy currents inside the
conductors. The intensity of these eddy currents depends on both frequency and conductor
geometry (cp. section 3). However, if eddy currents occur, they cause additional losses
called eddy-current losses PνCuEddy. The total winding losses are called PνCuAC and are
the sum PνCuDC and PνCuEddy.
PνCuAC = PνCuDC + PνCuEddy
= RDC · I2 + PνCuEddy
= RDC · (Scond JDC)2 + PνCuEddy (2.4)
Since the total permissable winding losses are limited thermally, the current density JDC
has to be reduced if additional eddy current losses need to be compensated. According to
(2.2) this implies reduced machine performance due to decreased magnetomotive force Θ.
Consequently, eddy currents should be suppressed as far as possible by design measures
in order to maximize machine performance. If eddy currents are inevitable, the designer
should be aware that the current density JDC needs to be derated.
2.2.2 Thermal Analysis
Thermal analysis of electrical machines are usually based on either lumped parameter
models or on finite element simulations. Analytic calculation methods are fast and allow
thermal calculations for different parameter sets within a short period of time [Sta05b]
[Mot]. Generally, two difficulties are faced when performing thermal analysis. One is the
determination of all thermal parameters. Data sheet information can be used to define
the properties of material components. However, thermal contact resistances between
different materials are hard to determine since they strongly depend on the mechanical
realization. The thermal resistance between copper and slot liner, for example, increases
strongly if a thin air region remains between the materials. Hence, the definition of thermal
parameters in electrical machines requires precise knowledge of the machine construction
and a lot of experience based on measurements.
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The other difficulty is the determination of the different machine losses which serve as
input data for the thermal simulation. Copper losses are normally assumed to be equally
distributed within the windings since they are typically calculated as the product of the
square of the RMS current I 2ph and dc phase resistance RDC. However, in most winding
designs, the losses increase toward the air gap due to skin and proximity effects (cp. section
3.2). Since the air-gap region has worse cooling than the other parts of the coils, additional
losses close to the air gap can cause extremely high temperatures in the copper. As the
hot spot temperature is crucial for the determination of the maximum output power, it
is decisive to calculate the loss and temperature distribution in detail.
2.2.3 End-Effects
Another important requirement for proper machine modeling is the consideration of the
so-called end-effects [Mic94]. The end windings have an inductance which contributes to
the total phase inductance. In the aligned position, the phase inductance is large com-
pared to the end-winding inductance and thus end-effects have little relevance. In the
unaligned position, the contribution of the end-effect inductance is in the range of a few
percent [Mat02]. Much larger though is the influence of the axial fringing or bulging effect
that describes the tendency of the flux to spread itself in the axial direction. Especially in
machines with short stack length this effect contributes strongly to the unaligned phase
inductance. For some machines geometries, up to 50 % increase of the unaligned induc-
tance has been observed. Neglecting these effects during the design process results in
overestimated machine performance since the calculated co-energy is too large. Figure
2.2 illustrates this by comparison of a measured and a simulated flux linkage character-
istic. The two-dimensional finite element simulation does not consider the end-effect and
thus the unaligned flux linkage is smaller than the measured one. Obviously, the result of
the two-dimensional simulation has to be corrected appropriately. In case of static com-
putations, like those presented in the figure, this can be done by using correction charts
[Mic94], by applying an analytically calculated correction factor [Mat02] or by performing
three-dimensional simulations. In PC-SRD the influence of the end-effects is modeled
with two separate factors for both end-winding inductance and axial fringing [Mil04a].
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Figure 2.2: Flux linkage characteristic with and without consideration of end-effects
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All methods mentioned above have in common that the inductance values are determined
for static conditions. These values have to be corrected before they are used as input data
for dynamic calculations.
In case of transient finite element simulations the torque is automatically calculated at
each time step. Thus, the end-effect compensation needs to be included into the model and
can not be applied after the simulation is completed. One solution would be to perform
three-dimensional simulations which include the regions of the end windings. However,
three-dimensional simulations are much more expensive and time consuming. In this work
a novel method was developed that allows to consider the end-effects in transient two-
dimensional finite element simulations. The method and its implementation is described
in chapter 4.2.2.
2.2.4 Lamination Material
The last aspect addressed in this section is the lamination material. As mentioned above,
switched reluctance machines are operated in deep saturation. Thus, correct modeling of
the magnetization curves is essential for achieving reliable simulations results. Especially
when optimizing the machine geometry, precise material data is mandatory to predict
machine performance. However, most data sheets do not provide data for magnetization
levels above 1.8 Tesla. Hence, data sheet curves need to be extrapolated before they can
be used as input data for machine models. The accuracy of such extrapolations is low
and consequently simulations based on data sheet curves tend to be inaccurate. The best
simulation results are obtained when using measured magnetization curves of the used
material. In section 4.1.6 the material problem is discussed in detail and a tuning method
is introduced that allows to tune the material data based on measured flux linkage curves.
2.2.5 Acoustics
Once the design targets are identified and weighted, the optimal machine configuration
has to be chosen. As mentioned above, the application itself determines the range of
reasonable configurations but still there might remain various combinations of phase and
pole pair numbers to be investigated. Besides performance and cost considerations the
machine acoustics play an important role for the selection of the best configuration. The
spacial distribution of the exciting radial forces on the stator depends on the number of
phases and pole pairs. Hence, the dominating eigenfrequencies and vibration mode shapes
depend on the machine configuration. Based on an estimation of the stator dimensions all
competing configurations should undergo a modal analysis in order to gain information
about the expected machine acoustics. For further reading it is referred to [Fie06]. Fiedler
investigates in detail the sources of acoustic noise and vibrations in switched reluctance
machines and proposes strategies for noise mitigation.
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2.3 Winding Design
The winding design has strong influence on the performance of a switched reluctance
machine. With the example of a 55 kW machine, both the determination of an optimal
turn number and the realization of different winding geometries are discussed in the
following. The example machine was designed within the so-called OKOFEH project.
OKOFEH stands for Optimized Components for Electric and Hybrid Vehicles. Three
different winding geometries were built and analyzed in a test rig. A detailed project
overview including a description of the developed machine, the converter and the control
structure as well as a list of technical data is given in appendix C. The OKOFEH drive
serves as an example throughout this theses.
2.3.1 Number of Winding Turns
The determination of the number of winding turns is an important design parameter,
since the turn number has major influence on the final operating behavior of the machine.
Generally, the peak torque is limited by two quantities, namely the maximum converter
current and the available dc-link voltage. At low speed the peak torque is limited by the
maximum magnetomotive force Θcoil which is a function of turn number Nt, coil and coil
current Icoil.
Θcoil = Nt, coil Icoil = Nt, coil
Iph
Npath
(2.5)
In real-life applications the coil current is limited by the converter and thus, the peak
torque can only be increased by adding additional winding turns. However, with rising
number of turns, the conductor cross sectional area Scond decreases and consequently
current density and losses increase. Hence, adding turns to the phase coils increases the
peak torque but the higher losses reduce the allowed duration of overload operation.
At high speed, the phase current is typically not limited by the converter but by the
available dc-link voltage. During the magnetization period the positive dc-link voltage is
applied to a machine phase. Due to the induced electromotive force e(t), the current slew
rate decreases with increasing machine speed and thus the current which can be reached
during the conduction period is limited. The voltage equation of the switched reluctance
machine illustrates this correlation:
vph(t) = R · i(t) +
(
L(i, θ) + i(t)
∂L(i, θ)
∂i
)
di
dt
+ i(t) · ∂L(i, θ)
∂θ
· dθ
dt
(2.6)
Equation (2.6) rearranged with respect to the current slew rate yields
di
dt
=
vph(t)− e(t)−R · i(t)
L(i, θ) + i(t)∂L(i,θ)
∂i
(2.7)
with
e(t) = i(t) · ∂L(i, θ)
∂θ
· dθ
dt
= Ωm · i(t) · ∂L(i, θ)
∂θ
(2.8)
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Reducing the turn number Nt, coil decreases the inductance L and consequently the elec-
tromotive force e(t). Thus, with lower turn numbers, higher current values can be reached
at high speed operation. Obviously, the choice of the optimal turn number is a trade-off
between high peak torque at low speed and maximum mechanical output power at high
speed. The choice of a particular winding design has to be taken by weighting the given
application targets based on capability curves which illustrate the torque limits in the
speed-torque plane for a range of reasonable turn numbers.
Figure 2.3 shows a set of capability curves calculated for the OKOFEH drive. The curves
confirm the strong influence of the winding design on the operating limits. For the cal-
culation of these capability curves two operating modes have to be distinguished. In the
figure they are referred to as standard operation mode and continuous conduction mode.
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Figure 2.3: Capability curves of OKOFEH drive for both standard operation and continuous
conduction mode (VDC=300V, Imax=440A, all four coils of one phase connected
in series)
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Figure 2.4: Phase currents of the three operating points marked in Figure 2.3
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In standard operation mode, the phase currents are applied in pulse shaped waveforms
which is the most efficient way to operate a switched reluctance machine. At low speed,
the current needs to be controlled with hysteresis or PWM control. With increasing speed,
the turn-on angle has to be advanced and the current waveform changes toward a single
pulse shape. Although the conduction period increases with speed, the phase current falls
to zero at the end of each conduction period in standard operation mode. Figure 2.4
shows typical current waveforms for standard operation mode at low speed (hysteresis
control) and high speed (single pulse). The capability curves in Figure 2.3 illustrate that
in standard operation mode the output power reduces strongly with increasing speed.
When operating the machine in continuous conduction mode, the output power at high
speeds can be increased significantly [Ste93] [Ind05]. By increasing the conduction period,
the current can be shifted to much higher values resulting in higher torque compared to
standard operation mode. However, in continuous conduction mode the phase is excited
throughout the entire electrical period. Consequently, the machine produces both mo-
toring and generating torque which reduces machine efficiency decisively and causes high
torque ripple. It is a matter of thermal design weather a machine can be operated in
continuous conduction mode continuously or only for short time, boosting torque. At
least for the latter, continuous conduction is ideal since it combines the availability of
high peak power with the advantages of increased turn numbers [Hen06a].
The OKOFEH drive was designed for standard operation mode. To guarantee peak power
larger than 55 kW for speeds up to 12,000 rpm a winding configuration with six turns per
coil was chosen. With all four coils of one phase connected in series this results in 24
winding turns per phase (Nt, ph=24).
2.3.2 Mechanical Winding Design
Standard types of switched reluctance machines have at least two stator poles per phase
which gives a minimum of two independent coils per phase. In case of machines with
higher pole pair numbers p, the number of independent coils per phase Ncoil increases.
Ncoil = 2 · p (2.9)
Npath = 1 Npath = 2 Npath = 3 Npath = 4 Npath = 6 Npath = 8
p=1 Nt, coil=
Nt, ph
2 Nt, coil=Nt, ph - - - -
p=2 Nt, coil=
Nt, ph
4 Nt, coil=
Nt, ph
2 - Nt, coil=Nt, ph - -
p=3 Nt, coil=
Nt, ph
6 Nt, coil=
Nt, ph
3 Nt, coil=
Nt, ph
2 - Nt, coil=Nt, ph -
p=4 Nt, coil=
Nt, ph
8 Nt, coil=
Nt, ph
4 - Nt, coil=
Nt, ph
2 - Nt, coil=Nt, ph
Table 2.3: Coil turn numbers Nt, coil in dependency on pole pair number p and number of
parallel coil paths Npath
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Typically all coils of one phase are electrically interconnected inside the machine and only
two terminal clamps are provided for each phase. Inside the machine, the coils can be
connected in series, in parallel or even in combinations of series and parallel connection.
Regarding the electro-magnetic phase excitation, it does not matter whether the phase
coils are connected in series or in parallel, as long as the total phase turn number Nt, ph is
constant. Connecting the coils in parallel, though, reduces unbalanced rotor forces that
occur if the rotor is displaced from the centerline [Hus00] [Fue05c]. In machines with
very long stack lengths, rotor eccentricity can be a problem that needs to be taken into
account. However, in most machine designs unbalanced forces are not critical and thus
both serial and parallel coil configurations ought to be considered. For a given total phase
turn number Nt, ph the number of coil turns Nt, coil varies depending on the connection
scheme. Table 2.3 shows possible connection schemes and resulting coil turn numbers
Nt, coil for all common pole pair numbers p. Since the size of the winding slot area Sslot
depends only on the stator geometry it is equal for all winding schemes. Thus, the number
of coil turns Nt, coil has strong influence on the cross section Scond of the coil conductors.
Assuming an equal filling factor for all winding schemes, the conductor cross section has
to increase as the turn number decreases. The decision for a particular winding scheme
depends on various criteria which are listed below.
• achievable filling factor
• coil manufacturing and handling costs
• material costs
• availability of winding material
• space requirements for end turns
• consideration of eddy current effects
The filling factor ηslot is an important design criterion regarding machine efficiency. The
higher ηslot is, the less current density is required for the same magnetomotive force
(cp. (2.2)) and the smaller the dc copper losses PνCuDC are. Table 2.4 presents some
typical values for filling factor ranges in switched reluctance machines. Since the filling
factor depends on the winding wire, the wire-wrap technique and the slot geometry it
Winding type ηslot
pre-wound coils < 40 %
(loose bundle)
preformed coils < 60 %
(rectangular shape)
preformed coils < 80 %
(shape adapted to slot)
Table 2.4: Typical filling factors ηslot for different winding types
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Figure 2.5: Winding configuration V1 with rectangular conductors 1.5× 2.0 mm,
6 turns per coil, 11 parallel strands, four coils connected in series,
filling factor ηslot=56.4 %
Figure 2.6: Winding configuration V2 with rectangular conductors 1.5× 5.5 mm,
24 turns per coil, one strand, four coils connected in parallel,
filling factor ηslot=56.4 %
Figure 2.7: Winding configuration V3 with rectangular compacted litz 11.7× 3.1 mm,
6 turns per coil, 13 parallel strands (1.63mm), four coils connected in series,
filling factor ηslot=46.3 %
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is hard to state general values. Thus, the table only represents a rough reference. The
highest filling factors are obtained by using rectangular conductors which can be wound
very compact with a minimum of air remaining inside the coil. Rectangular conductors
are predominantly wound with their higher edge facing the stator pole, since this way the
bending of the end turns is not critical (cp. Figure 2.6). This technique is in conflict with
the attempt to minimize eddy currents. As will be shown in chapter 3, eddy currents
inside of coil conductors increase strongly with the height of the conductors. For the
minimization of eddy current losses, rectangular conductors should be wound with their
higher edge facing the stator yoke, even if the end turn bending is technically more
complicated.
To investigate the influence of winding geometry on machine performance, the OKOFEH
drive was equipped with three different sets of windings, which are presented in the
following. According to Table 2.3 there are three possible connection schemes for the
OKOFEH machine (p=2) with either Nt, coil=6, Nt, coil=12 or Nt, coil=24. Two of these
schemes were realized using preformed coils with rectangular conductors.
Figure 2.5 presents the six turn version made out of 1.5×2.0 mm copper. The winding has
eleven parallel strands, which are each isolated but electrically interconnected at the coil
terminals. In the drawing, the eleven strands belonging to one winding turn are marked.
The four coils of each phase are connected in series yielding 24 turns per phase. Figure 2.6
presents the 24 turn version made out of 1.5× 5.5 mm copper. This coil version has only
one strand and all coils of each phase are connected in parallel. The filling factor of the
two coil versions is equal since both of them use the same amount of copper. With a value
of ηslot=56.4 % the filling factor is comparably high with respect to standard plug-in coils.
The manufacturing of the coils can be automated for mass production which is essential
to reduce production costs.
The third implemented winding version presented in Figure 2.7 is made of rectangular
compacted litz wire. Because of its special geometry, litz wire suppresses eddy currents
in an effective way [Vog96], [Fer92]. Generally, the cause of circulating eddy currents are
induced voltages due to alternating magnetic fields penetrating the conductors. Figure
2.8 illustrates why litz wire suppresses these currents. In the drawing one possible path
for a circulating eddy current is outlined. The path follows two of the parallel strands
and it is closed at the coil terminals, where the strands are electrically interconnected.
H t( )
Figure 2.8: Suppression of eddy currents by transposition of winding strands
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Version 1
Version 2
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sion
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Figure 2.9: Comparison of the three examined winding configurations
Following the path, it becomes obvious that the magnetic field is surrounded in alternating
directions. The positive and negative components of the induced voltage cancel each other
and therefore no current will flow. For a complete elimination of the induced voltage, the
length of lay of the litz-wire needs to be adjusted to the pole length. Hence, the dimensions
of the litz shown in the Figure is not perfect for the application but the best available
off-the-shelf. Still, in litz wires there are eddy currents occurring inside the individual
strands but if the strand diameters are small this effect has minor relevance (cp. section
3.1).
In Figure 2.9 the three realized winding versions are plotted on adjacent poles to illustrate
the slot utilization and to allow direct comparison of the geometry.
2.4 Measurements
All three OKOFEH machine versions described in the previous section are examined on
a drive test stand at ISEA. The test stand is equipped with a speed controlled 100 kW
load machine, a torque transducer of type FLFM [GIF] and a power analyzer of type
LEM Norma DS6100. The temperatures inside the machine are monitored with a thermo
coupler module of type Sim-Thermo [Ipe]. For each machine version both efficiency and
continuous output power in motor operation are measured.
2.4.1 Machine Efficiency
Machine efficiency is determined by dividing the mechanical output power by the electric
machine input power. About 100 operating points spread over the speed-torque plane are
measured on the test stand. Afterwards, the data of the measured operating points is fed
to a neural network which calculates a smooth efficiency map. This kind of efficiency maps
have no discontinuities and thus they can be used directly for subsequent simulations,
like calculation of energy consumption for different drive cycles [Alt03]. Figures 2.10 to
2.12 present the measured machine efficiencies of the three OKOFEH machine versions.
Obviously, the efficiency varies strongly between the three different winding configurations.
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Figure 2.10: Measured machine efficiency of OKOFEH V1
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Figure 2.11: Measured machine efficiency of OKOFEH V2
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Figure 2.12: Measured machine efficiency of OKOFEH V3
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Figure 2.13: PC-SRD simulation of machine efficiency for OKOFEH V1 and V2
with equal results for both winding versions
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With a peak efficiency of 89 % machine version V2 performs 5 % worse than the litz wire
version V3 which reaches a peak efficiency of 94 %. The efficiency differences are of
substantial magnitude and must originate from the copper losses, since only the winding
design was modified. Although the dc resistance RDC of version V3 is about 20 % higher
than the resistance of versions V1 and V2, the efficiency of the litz version V3 is by far the
highest of the investigated topologies. Hence, according to (2.4), the additional losses have
to be eddy current losses PνCuEddy inside the windings. For comparison of measurements
and simulation, Figure 2.13 presents the machine efficiency calculated with PC-SRD. In
PC-SRD only the dc losses PνCuDC are calculated. Consequently, the simulation predicts
higher efficiencies than the real machine designs proved in the measurements.
All the implemented winding designs cause eddy current losses which reduce the effi-
ciency. Even the litz wire configuration is not free from eddy currents. However, they are
significantly suppressed in the litz wire configuration.
2.4.2 Loss Distribution
The total machine losses PνMach measured on the test stand are a composition of several
different losses occurring inside the machine. In detail these are dc copper losses PνCuDC,
eddy current losses in the copper PνCuEddy, iron losses PνFe and friction losses PνFric.
PνMach = PνCuDC + PνCuEddy + PνFe + PνFric (2.10)
To evaluate a machine design it is important to determine how the losses are distributed.
For all three machine versions Table 2.5 presents the loss distribution in the specified
nominal operating point. It is not possible to separate iron and eddy current losses by
means of measurement. Thus, the eddy current losses PνCuEddy are predicted with (2.10)
after determining all other losses by measurement or calculation. The dc copper losses
PνCuDC are calculated by measuring the RMS phase currents.
PνCuDC =
Nph∑
j=1
[
I2phj ·Rph
]
. (2.11)
The friction losses PνFric are measured by spinning the test machine with an external
load machine. Alternatively, friction torque can be calculated based on the data of a
retardation test. For iron losses calculation several methods have been proposed in the
Pshaft ηma PνMach PνFric PνCuDC PνFe PνCuEddy
measured measured measured measured calculated calculated predicted
Version 1 55 kW 90.5 % 5.8 kW 0.29 kW 1.3 kW 0.9 kW 3.3 kW
Version 2 55 kW 88.5 % 7.1 kW 0.29 kW 1.3 kW 0.9 kW 4.6 kW
Version 3 55 kW 93.4 % 3.9 kW 0.29 kW 1.5 kW 0.9 kW 1.0 kW
Table 2.5: Estimated eddy current losses in nominal operating point (3500 rpm, 150Nm)
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past (cp. section 4.3.4). The values of PνFe presented in Table 2.5 are calculated with the
modified Steinmetz equation using the algorithm proposed in [Rei97].
The experimental measurements demonstrate the strong impact, mechanical winding lay-
out can have on the copper losses. For version V2 the estimated eddy current losses
PνCuEddy are more than three times higher than the dc copper losses PνCuDC. Besides the
reduced efficiency, such high additional losses cause a significant reduction of continuous
output power, as shown in the next section.
2.4.3 Performance
The continuous output power of electrical drives is either limited by electric quantities
like converter current or dc-link voltage or for thermal reasons. Generally, electrical drive
systems are designed for short time overload operation which in terms requires higher
converter currents than needed for nominal operation. Hence, in most electrical drives
the continuous power is limited by the maximum temperature allowed in the hot spots.
In switched reluctance machines these hot spots are typically located inside the windings
and thus, the temperature class of the winding wire defines the upper temperature limit.
Obviously, the hot spot temperature depends on the total copper losses, no matter if
caused by dc losses or eddy current losses. Consequently, additional eddy current losses
have to be compensated by reducing the machine output power. Figure 2.14 illustrates
the maximum continuous output power of the three examined machine versions with the
constraint of a maximum copper temperature TCuMax of 200 °C and a coolant inlet tem-
perature TCoolIn of 55 °C. At a speed of 3,500 rpm machine version V2 reaches a continuous
output power of 31 kW. This is about 40 % less compared to the litz wire version V3 which
reaches 50 kW.
For the assessment of electrical drives the continuous power rating is a very decisive crite-
rion. Often, not efficiency but continuous output power has highest priority when choosing
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Figure 2.14: Comparison of continuous output power of the three realized machine versions
(TCuMax=200 °C, TCoolIn=55 °C, Q=5 l/min)
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a drive system for a certain application. The measurements illustrate the tremendous in-
fluence of additional losses on the power rating and emphasize the importance of precise
eddy current loss prediction.
2.5 Conclusion
In this chapter, general aspects of the design process of switched reluctance machines are
discussed. In particular, the winding design process is investigated. The determination
of the optimal turn number is understood as a crucial design task and the designer has
to take this decision carefully. Capability curves showing the predicted operation area for
different turn numbers can be used to trade off between high peak torque at low speed
and maximum mechanical output power at high speed. In contrast, the importance of
the mechanic winding layout seems often to be underestimated. One reason might be
that most design tools including PC-SRD neglect winding eddy currents and thus the
calculated machine performance is independent of the winding layout, as long as the
fill factor is constant. Based on measurements of an example machine it is illustrated
that the mechanical winding layout can significantly affect machine performance since the
amount of eddy current losses strongly depends on winding geometry. Consequently, it
is recommended to consider eddy current losses in the design process of future machine
layouts.
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3 Fundamentals of Analytic Eddy Current Loss
Calculation
Eddy current losses are the consequence of circulating eddy currents in conductive mate-
rials. In some technical applications like inductive heating or eddy current braking this
physical effect of power dissipation is used intentionally. However, in many applications
and especially in stator windings of electrical machines, eddy current losses are unwanted
and can significantly reduce efficiency and system performance. To minimize eddy cur-
rents in electrical machines by design measures, one has to be familiar with the physics
of eddy currents and their calculation methods.
In this chapter, the equations required for the analytical calculation of sinusoidal eddy
currents are deduced for selected geometries. The difference between the common terms
skin effect and proximity effect is explained with the example of a multilayer winding.
3.1 Skin Effect in a Round Conductor Surrounded by Air
In case of alternating current, the current density inside a conductor is not homogeneous
but increases toward the conductor surface. This is referred to as skin effect. The circu-
lating eddy currents increase the current density at the circumference and decrease the
current density in the center of the conductor. Later in this section, the spatial distribu-
tion of the current density will be calculated analytically. For better illustration of the
phenomenon though, a finite element simulation of a round conductor with an impressed
AC current has been performed (cp. Figure 3.1). The conductor in the FEM calculation
was placed in a field-free air environment. Only the electric and magnetic fields exited by
the conductor current itself contribute to the skin effect.
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Figure 3.1: Current displacement in a round conductor (= 3mm) with an impressed sinu-
soidal current i(t) =
√
2 · I · sin(ωt) with I=100A and f=10 kHz.
Snap shot of current density at t= 65.5 µs (θel.=236°).
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Figure 3.2: Current density distribution in the examined conductor
Figure 3.1 shows the point in time with the maximum current displacement within the
cross section of the conductor. For better understanding the current density is also plotted
versus time and radius in Figure 3.2. Apart from the mentioned current density increase
these diagrams show a phase shift of the current depending on radius.
The overall conductor losses are proportional to the square of the current density. Thus,
it is obvious that non-uniform current distribution increases the conductor losses. In the
example above, the total losses are 37 % higher than they would be if the conductor was
carrying an equivalent direct current.
3.1.1 Calculation of Current Displacement
The analytic calculation of current displacement offers the possibility to determine the
total conductor losses depending on current, frequency and radius.
Figure 3.3 illustrates the spatial distribution of the magnetic and the electric field inside
the examined conductor. Based on the general Maxwell equations
curl ~E = − ~˙B ⇒
∮
~E d~s = −
∫∫
~˙B d~S (3.1)
curl ~H = ~J + ~˙D ⇒
∮
~H d~s =
∫∫
( ~J + ~˙D) d~S (3.2)
~J = σ ~E (3.3)
both the induction law and Ampe`re’s law can be applied to the conductor geometry.
With equations (3.2) and (3.3) and ~˙D=0, Ampe`re’s law for a circle cross-section yields:
2 pi r H(r, t) =
∫ r
0
J(r, t) 2 pi r dr = 2 pi σ
∫ r
0
E(r, t) r dr, (3.4)
3.1 Skin Effect in a Round Conductor Surrounded by Air 25
Figure 3.3: Magnetic and electric field in a round conductor
respectively,
∂H(r, t)
∂r
+
1
r
H(r, t) = σE(r, t) (3.5)
by derivation of (3.4) with respect to r.
The flux inside the conductor has to be determined to apply the induction law. Due to
the rotational symmetry it is sufficient to regard a rectangle located in the longitudinal
cut through the conductor. According to Figure 3.3 the rectangle has the length l and
its baseline corresponds to the conductor axis. The height of the rectangle depends on r.
Since the magnetic field H crosses the rectangle perpendicular, the total flux through the
rectangle is given by
Φ =
∫ r
0
B(r, t) l dr = µ l
∫ r
0
H(r, t) dr . (3.6)
Now the line integral of the electric field in (3.1) can be calculated as
∮
s˚
E(r, t) ds = E(r, t)|r=0 l − E(r, t) l = −
∂Φ(r, t)
∂t
= −µ l ∂
∂t
∫ r
0
H(r, t) dr . (3.7)
According to the right hand rule the integration path has to surround the magnetic field
lines in the direction of s˚ in Figure 3.3. The radial edges of the rectangle do not contribute
to the line integral, since the electric field ~E and the path d~s are perpendicular.
The derivation of (3.7) with respect to r yields
∂E(r, t)
∂r
= µ
∂H(r, t)
∂t
. (3.8)
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With (3.5) and (3.8) two independent relationships between the electric and the magnetic
field inside the conductor are described. The derivation of (3.5) with respect to t and
insertion of (3.8) leads to the following term for the electric field
∂2E(r, t)
∂r2
+
1
r
∂E(r, t)
∂r
= σµ
∂E(r, t)
∂t
. (3.9)
Assuming sinusoidal quantities the magnetic and the electric field can be written in com-
plex notation. This simplifies the derivation with respect to t and (3.9) can be written
as
r2
∂2E(r)
∂r2
+ r
∂E(r)
∂r
− j ω σ µ E(r) = 0 . (3.10)
To solve this differential equation it is transformed to the Bessel’s function of order zero.
Using the following substitutions [Str06]
k2 = −j ωσµ ⇒ k = (1− j)
√
1
2
ωσµ (3.11)
z = k r ⇒ dr = 1
k
dz (3.12)
(3.10) can be written in form of the standard Bessel differential equation
z2
∂2E(z)
∂z2
+ z
∂E(z)
∂z
+ z2 E(z) = 0 (3.13)
with the general solution [Bro79]
E(z) = c1 J0(z) + c2 Y0(z) . (3.14)
J0 and Y0 are the Bessel and Neumann functions of order zero. Since Y0 is singular at
the origin but the electric field E is finite for r= 0, the constant c2 is set to zero which
simplifies (3.14) to
E(z) = c1 J0(z) . (3.15)
For the calculation of c1 the analytical relationship between magnetic and electric field is
used. In complex notation (3.8) is written as
H(z) =
k
j ωµ
∂E(z)
∂z
. (3.16)
The derivative of the zero-order Bessel function is by definition equal to the negative of
the first-order Bessel function.
d J0(z)
dz
= −J1(z) (3.17)
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Using this relationship along with the proposed solution for the electric field (3.15), the
magnetic field can be written as
H(z) =
k
j ωµ
c1 ∂J0(z)
∂z
= −c1
k
j ωµ
J1(z) . (3.18)
The magnetic field lines at the conductor surface H(r0) surround the total conductor
current. Thus, for r = r0 (3.4) simplifies to
H| r0 2 pi r0 = I (3.19)
and the constant c1 can be determined as
c1 = −
j ω µ
2 pi r0 k
I
J1(k r0) . (3.20)
Inserting c1 into (3.15) results in an analytic expression for the electric field inside the
conductor
E(k r) = − j ω µ
2 pi r0 k
I
J0(k r)
J1(k r0) . (3.21)
Expanding (3.21) with σ and inserting k2 leads to the final expression for the electric field
E(k r) =
k I
2 pi r0 σ
J0(k r)
J1(k r0) (3.22)
and, respectively, by multiplication with σ to the current density inside the conductor
J(k r) =
k I
2 pi r0
J0(k r)
J1(k r0) . (3.23)
With (3.23) the results of the above FEM simulations can be recalculated analytically.
Figure 3.4 shows a plot of the RMS current density versus radial position calculated with
(3.23). The parameters current, radius and frequency are those of the example in Figure
3.1. In addition, the RMS values of the FEM results have been added to the plot. The
results of both calculation methods match very well.
To compare the current distribution with and without skin effect the dc current density
JDC of an equivalent direct current is added to the plot as well. Due to the skin effect,
the real current density J is lower than JDC in the middle of the conductor, but exceeds
it clearly at the conductor surface.
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Figure 3.4: RMS current density as function of radial position
3.1.2 Skin Effect Losses
With the knowledge of the current density distribution (3.23) it is now possible to calculate
the total conductor losses using following equation:
PνCuAC =
2 pi l
σ
∫ r0
0
J2(r) r dr . (3.24)
In case of uniform current density with J(r)= const. (3.24) simplifies to the standard
equation for dc losses
PνCuDC = RDC I
2 (3.25)
with
RDC =
l
pi r20 σ
. (3.26)
For the calculation of the ac losses PνCuAC it is common to calculate an equivalent resis-
tance RAC which is multiplied by the squared RMS value of the current I. Hence, instead
Figure 3.5: Power density distribution in the examined conductor
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of solving (3.24) the ac losses can also be calculated with
PνCuAC = RAC I
2 . (3.27)
The equivalent resistance RAC is geometry and frequency dependent and includes both the
dc resistance RDC and the resistance increase due to current displacement. The quotient
RAC/RDC directly represents the proportion between dc losses and skin effect losses. For
the determination of RAC the complex power in the conductor is calculated using the
following equation.
∫∫
~S d ~A =
∫∫
(~E(r0)× ~H∗(r0)) d ~A = PνCuAC + i Q = I2 Z = I2 (RAC + i ωLi) (3.28)
The complex power is both defined by the surface integral of the Poynting vector ~S and by
the product of conductor impedance and squared RMS current. Thus, the components of
the conductor impedance can be calculated by solving (3.28). Since the Poynting vector
has only a radial component, solely the conductor shell contributes to the surface integral.
Inserting (3.22) and (3.19) into (3.28) yields:
k I
2 pi r0 σ
J0(k r0)
J1(k r0) ·
I∗
2 pi r0
· 2 pi r0 l = I2 (RAC + i ωLi) . (3.29)
Normalizing (3.29) with the conductor dc resistance RDC (3.26) yields:
RAC
RDC
+ i
ωLi
RDC
=
k r0
2
J0(k r0)
J1(k r0) . (3.30)
The argument of (3.30) depends on frequency and conductor radius. These quantities can
be summarized in the variable x using following substitution:
k r0
2
= (1− i) x with x = r0
2
√
pifσµ . (3.31)
The decomposition of (3.30) into real and imaginary parts yields the universal impedance
characteristic of a round conductor surrounded by air. Figure 3.6 presents the graphs for
the resistance and reactance characteristics. In case of direct current RAC equals RDC
and the reactance equals zero. With increasing values of x both the resistance and the
inductive reactance increase. For large values of x the curves in Figure 3.6 converge.
Thus, the phase angle due to skin effect is limited to 45°.
According to the FEM loss simulations (cp. Figure 3.5) the losses in the examined example
are 37 % higher than they would be without skin effect. This value is confirmed by the
presented analytic calculations. Evaluating Figure 3.6 for x=1.12 leads as expected to a
resistance ratio of RAC/RDC=1.37.
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Figure 3.6: Impedance characteristic of round conductor in dependence of frequency and radius
3.1.3 Skin Depth
The definition of the skin depth is derived from the field distribution inside a plain con-
ductor [Ku¨p05]. In plain conductors the current density decreases with the distance from
the conductor’s surface according to an exponential function. The skin depth
δ =
1√
pifσµ
(3.32)
defines the geometric distance from the conductor surface to that point where the ampli-
tude of the current density is reduced by 1/e (63.2 %). Although this skin depth definition
is mathematical correct only for plain conductors it can still be applied to round con-
ductors if certain geometric conditions are fulfilled. If the conductor radius r0 is large
compared to the skin depth δ the active conducting layer can be assumed to be plain.
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Figure 3.7: Skin depth in copper
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Thus, the skin depth for round conductors is defined by
δround = δ =
1√
pifσµ
for r0  δ . (3.33)
This definition of skin depth in round conductors is confirmed by the following mathe-
matical approximation. The absolute value of the current density distribution defined in
(3.23) can be approximated by an exponential function if the above mentioned constraint
is met.
|J | ≈
√
2
√
pifσµ
I
2 pi r0
√
r0
r
e−
(r0−r)
δ for r, r0  δ . (3.34)
The detailed derivation of this approximation is given in appendix B.1. In Figure 3.8
the current density for different values of δ is plotted both for (3.23) and (3.34). In the
left plot the skin depth is 0.67mm as in the example of Figure 3.1. Obviously, the ratio
r0/δ=2.2 is not large enough to meet the constraints for proper approximation. In the
right plot the frequency has been increased to 100 kHz and thus, the ratio r0/δ reaches a
value of 7.1. Hence, the approximation fits very well with the analytic calculation and the
current density is reduced by the factor e−1 at the marked skin depth distance. It turns
out, that depending on the ratio r0/δ, the value of the skin depth δ provides different
information.
In case of high current displacement with r0  δ the skin depth is a parameter in the
exponential function of the current density distribution (cp. (3.34)). Furthermore, it can
be shown that the equivalent resistance RAC of a solid conductor with radius r0 equals the
dc resistance of a hollow conductor with radius r0 and wall thickness δ. Thus, in case of
distinct skin effect the skin depth δ is sometimes also called equivalent conducting layer
thickness.
On the other hand, the skin depth δ relates to the well-known rule of thumb saying that
the skin effect is negligible if the conductor radius r0 is equal or less than the skin depth
δ. Actually, for r0 = δ the resistance increase due to skin effect is still 2% which can be
seen by evaluating (3.30) for x = 1/2 (cp. Figure 3.6).
In case of medium current displacement with δ < r0 < 5 δ the value of the skin depth δ
has no special significance (cp. Figure 3.8 left).
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Figure 3.8: Approximation of the current density distribution in the examined conductor
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3.2 Current Displacement in Slot Windings
The calculations in the last section are based on the assumption that the conductor is
surrounded by air. However, in electrical machines the windings are generally placed in
lamination slots. The shape of these slots depends on machine type and individual config-
uration. For all machine geometries, the presence of laminations influences the magnetic
field distribution within the conductor. Figure 3.9 illustrates the field distribution in case
of a symmetric slot with parallel edges. Due to the high permeability of the iron, the
magnetic field in the lamination material is negligible and does not contribute to the line
integral
∮
~H d~s. Hence, the magnetic field in the slot has only a x-component Hx(y) which
value is proportional to the amount of current flowing underneath the regarded y position:∮
~H d~s = Hx(y) wslot =
∫ y
0
∫ + 1
2
w
− 1
2
w
Jz(x, y
′) dx dy′ (3.35)
Since the current density outside the conductor is zero, and the current density inside the
conductor is assumed to be independent of x, Dowell [Dow66] simplifies equation (3.35)
to a one-dimensional problem, yielding
∮
~H d~s = Hx(y) wslot = w
∫ y
0
Jz(y
′) dy′ (3.36)
respectively
dHx(y)
dy
=
w
wslot
Jz(y) =
w
wslot
σEz(y) . (3.37)
The factor η = w
wslot
describing the ratio between slot width and total copper width is
introduced by Dowell in 1966 as a geometric copper layer factor. Since then, this factor
is accepted and used by numerous authors. Equation (3.37) is still understood as the
fundamental equation for the analytic calculation of ac copper losses [Vog96] [Ku¨p05]
[Str06].
Figure 3.9: Conductor in lamination slot (µr  1)
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In 2002, Robert examines the copper layer factor and shows, that the introduction of η
can not be justified by mathematical or physical arguments [Rob02a] [Rob02b]. Dowell
mixed the one-dimensional variable Hx(y) with the two-dimensional variable Jz(x, y). One
might object that Dowell introduced η consciously to approximate the two-dimensional
effects within his one-dimensional theory. However, Dowell does not comment on this.
Robert interprets η as a pure empiric correction factor that models rather well as long
the value of η becomes not too small. The example calculations performed in this chapter
confirm Roberts conclusion, since analytic calculations with η = 0.82 and corresponding
finite element simulations match within a few percent. Hence, in this work the copper
layer factor is accepted as reasonable correction factor, having in mind that it is not
mathematically justified.
Coming back to (3.35) it is obvious that the magnetic field Hx(y) is proportional to the
current flowing below the regarded y-position. If the conductor carries dc current, the
current is equally distributed over the conductor and the magnetic field increases linear
with y, as shown in Figure 3.10.
In case the conductor is loaded with an ac current, current displacement takes place.
The intensity of the current displacement depends both on frequency and geometry. Two
different displacement effects have to be distinguished:
Skin Effect: current displacement inside a conductor, caused by the
magnetic field of the conductor current itself
Proximity Effect: current displacement inside a conductor, caused by an
external magnetic field (adjacent conductor currents)
In contrast to skin effect, the proximity effect only occurs if the examined conductor
is penetrated by an external magnetic field. Typically, this field is caused by adjacent
conductor currents. In slot windings proximity effect occurs if the winding has more than
one winding layer. In this case, the upper conductors are penetrated by the field of all
lower conductors.
In the following, numeric methods for the calculation of both skin and proximity effect
are introduced. The presented equations are based on the calculation method performed
in [Vog96]. For better illustration of the current displacement, finite element calculations
are added.
3.2.1 Skin Effect
To illustrate skin effect occurring in slot windings, the geometry of Figure 3.9 was sim-
ulated for an ac conductor current. Figures 3.11 - 3.13 present the resulting field and
current displacement. The FEM plot in Figure 3.11 is a snap-shot at 180°el. At this mo-
ment the total conductor current passes through zero and thus the magnetic field above
the conductor (y>h) must be zero (cp. (3.35)). The current density plot in Figure 3.12 is
a snap-shot at 45°el. At this point in time the largest current density is observed although
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Figure 3.10: Magnetic field for dc excitation (I=600A, w=9mm, h=22mm)
left: FEM plot
right: x-component Hx(y) of magnetic field
the total conductor current has its maximum value at 90°el. As observed in section 3.1
the skin effect causes significant phase shifts within the conductor. The plots of Hx(y, t)
and Jz(y, t) in Figure 3.13 illustrate these time correlations.
The plot of Jz(y) in Figure 3.12 shows that the current density in the lower half of the
conductor is close to zero but reaches a multiple of the dc current density at the top edge
of the conductor. Due to the quadratic dependency of the losses on the current density
(cp. (3.24)) the ac losses increase. In the example of Figure 3.12 the ac losses are nine
times higher than the dc losses.
Based on the current layer model presented in Figure 3.14 the current distribution inside
the solid conductor is calculated numerically. The currents Ip of all virtual layers can
have different values but are assumed to be constant within each layer. The sum of all
currents is equal to the total conductor current I.
I =
n∑
p=1
I p (3.38)
If the currents are assumed to be concentrated in the middle of each layer, two neighboring
currents span a plane which is linked to the flux ∆Φp. In Figure 3.14 the line integral∮
~E d~s is indicated for layer p.
According to the induction law, the induced voltage Up =
∮
~E d~s equals the negative
derivative of the corresponding layer flux ∆Φp. In complex notation this leads to the
following equation:
Rp · I p −Rp+1 · I p+1 = Up = −jω∆Φp (3.39)
To calculate the flux ∆Φp, the magnetic field Hp needs to be determined using (3.35).
Due to the discretization into finite number of layers the integral form is replaced by a
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Figure 3.11: Skin effect example (I=600A, f=1kHz, w=9mm, h=22mm)
left: FEM snapshot of magnetic field at 180°el (t=0.5ms, i(t) = 0)
right: Simulated magnetic field Hx(y) (RMS values)
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Figure 3.12: Skin effect example (I=600A, f=1kHz, w=9mm, h=22mm)
left: FEM snapshot of current density at 45°el (t=0.13ms)
right: Simulated and calculated current densities (RMS values)
Figure 3.13: Magnetic field Hx(y, t) and current density Jz(y, t) of skin effect example
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Figure 3.14: Virtual current layers of one solid conductor
summation.
∆Φp = Bp l∆h = µ0 Hp l∆h = µ0
l∆h
wslot
p∑
k=1
I k (3.40)
Inserting (3.40) into (3.39) gives
Rp · I p −Rp+1 · I p+1 = −jXp
p∑
k=1
I k (3.41)
with the reactance of one layer being
Xp = ωµ0
l∆h
wslot
. (3.42)
By rearranging (3.41) the current I p+1 can be expressed as a function of all currents
flowing underneath it.
I p+1 =
Rp
Rp+1
I p + j
Xp
Rp+1
p∑
k=1
I k (3.43)
For a constant slot width wslot and constant virtual layer height ∆h the resistance and
inductance of all layers are equal. Thus, the quotient of resistance and reactance is
constant
m =
Xp
Rp+1
= const (3.44)
and the calculation of the layer currents simplifies to the following expression:
I p+1 = I p + jm
p∑
k=1
I k (3.45)
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Figure 3.15: Calculated layer currents for the example presented in Figure 3.17
(20 layer discretization)
The equation confirms that the absolute current value increases from layer to layer as it
is observed in the FEM results. If the number of virtual layers is chosen large enough, the
current distribution within the conductor can be calculated very precisely. The current
density graph Janalytic in Figure 3.12 was calculated with (3.45) assuming 200 layers. To
meet the constraint of (3.38) the starting value I1 has to be adapted in amplitude and
angle.
In Figure 3.15 the layer currents are plotted in the complex plane. For graphic reasons,
the number of layers was reduced to n = 20. The plot shows how the total conductor
current I is composed of all layer currents and illustrates the high phase shifts from one
layer current to the next.
3.2.2 Proximity Effect
As mentioned before, the proximity effect occurs if a winding has more than one winding
layer. To illustrate the proximity effect, the conductor of the skin effect example is divided
into four individual conductors which can be interpreted as a four-layer winding.
The dc resistance RDC of each conductor increases by the factor of four. To obtain the
same dc current density JDC and dc losses PνDC as in the skin effect example, the conductor
current I is accordingly reduced by the factor of four. Figures 3.16 - 3.18 illustrate the
tremendous influence of the proximity effect on the magnetic field and on the current
density.
The lowest of the four conductors is not exposed to an external magnetic field and thus only
skin effect occurs in the first conductor layer. In all other layers the current distribution
is affected by both skin and proximity effect. For the analytic calculation of the current
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Figure 3.16: Proximity effect example (I=150A, f=1kHz, w=9mm, h=5.5mm)
left: FEM plot of magnetic field at 180°el (t=0.5ms, i(t) = 0)
right: Simulated magnetic field Hx(y) (RMS values)
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Figure 3.17: Proximity effect example (I=150A, f=1kHz, w=9mm, h=5.5mm)
left: FEM plot of current density at 45°el (t=0.125ms)
right: Simulated and calculated current densities (RMS values)
Figure 3.18: Magnetic field Hx(y, t) and current density Jz(y, t) of proximity effect example
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displacement the current layer model of Figure 3.14 is used again. But now the layer
currents I p have both a proximity effect component I
′
p and a skin effect component I
′′
p:
I p = I
′
p + I
′′
p (3.46)
The skin effect component I ′′ p can be calculated with the equations presented in section
3.2.1. For the calculation of the proximity effect component I ′ p, the magnetic field dis-
tribution in Figure 3.19 is considered. The lower conductor carries a current I L which
causes the plotted slot field HxL(y). In the area of the upper conductor this field is con-
stant in space and has only a time dependency. The eddy currents in the upper conductor
caused by the field HxL(y) have to be symmetric with respect to the centerline of the
upper conductor. This implies that two layer-currents which are equally distant from the
centerline have the same amplitude but opposite sign.
I ′ n−p+1 = −I ′ p (3.47)
In principle, the skin effect equation (3.45) is also valid for the calculation of the currents
I ′ p. However, since the flux ∆Φp depends on the total current flowing underneath the
regarded current layer, the sum of all lower conductor currents
∑
I L has to be included
which results in following equation:
I ′ p+1 = I ′ p + jm
[∑
I L +
p∑
k=1
I ′ k
]
(3.48)
Figure 3.19: Two stacked conductors placed in a lamination slot. Only the magnetic field
portion HxL(y) caused by the current of the lower conductor I L is plotted
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If the number of virtual current layers is even, the following expression is valid for the
two current layers located closest to the centerline:
I ′ n/2+1 = −I ′ n/2 = I ′ n/2 + jm
∑ I L + n/2∑
k=1
I ′ k
 (3.49)
The currents written in brackets can be combined to the current I m:
I m =
∑
I L +
n/2∑
k=1
I ′ k (3.50)
After setting a start value for the current I m , the current of the first layer below the
centerline I ′ n/2 can be calculated with equations (3.49) and (3.50):
I ′ n/2 = −j m
2
I m (3.51)
By applying (3.48) the next lower current I ′ n/2−1 can be determined:
I ′ n/2−1 = I ′ n/2 − jm
∑ I L + n/2−1∑
k=1
I ′ k
 = I ′ n/2 − jm [I m − I ′ n/2] (3.52)
In (3.52) the current sum in the large brackets is substituted by the subtraction of I m
and I ′ n/2.
The calculations can be proceeded for all further layers down to layer one by using the
following general equation:
I ′ p = I ′ p+1 − jm
I m − n/2∑
k=p+1
I ′ k
 for (n/2−1) ≥ p ≥ 1 (3.53)
Once the lower layer currents are calculated, the upper ones can be determined using
(3.47). Finally the amplitude values and phase angles of I m and the calculated currents
I ′ p have to be adapted to fulfill the requirement of (3.50).
Figure 3.20 shows the total layer currents I p including skin and proximity effect for all
conductors of the proximity effect example. For graphic reasons the number of layers of
each conductor was reduced to n = 10. Since the lowest conductor is only exposed to
skin effect, the composition of the currents I 1p is similar to that in Figure 3.20. However,
due to the reduced height h, the current displacement is not that distinct. For the upper
conductors the plot illustrates the enormous influence of the proximity effect. In Figure
3.21 the conductor current I 4 is plotted as phasor sum of all skin and proximity currents.
The lengths of the phasors show that the proximity effect clearly dominates the skin effect
in the given example.
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Figure 3.20: Calculated layer currents for the example presented in Figure 3.17
(10 layer discretization)
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Figure 3.21: Composition of conductor current I 4 out of proximity currents I ′ 4p and skin effect
currents I ′′ p
3.2.3 Analytic Loss Calculation
In the preceding section, the impact of both skin and proximity effect are calculated iter-
atively. The losses are determined by calculating and summing the losses of each virtual
current layer. However, for the calculation of the total losses of a given winding geometry,
an analytic equation is preferable. In literature there are various publications dealing with
the calculation of losses occurring in different windings geometries. In his thesis, Brock-
meyer [Bro97] gives a detailed overview and evaluation of the different proposed solutions.
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In 1961 Dietrich [Die61] presented a universal calculation method for the determination
of the losses in transformer windings. The best known and often cited article about wind-
ing losses is the publication of Dowell [Dow66]. As mentioned above, all known analytic
calculation methods introduce a so-called copper layer factor η which Robert identifies as
a pure empirical factor without mathematical justification (cp. section 3.2). Furthermore,
Dowell’s calculations are based on the constraint that the ratio of the magnetic field at
the upper and lower edge of the conductor is real, which means that there is zero or 180°
phase shift between these field components. For standard transformer topologies or for
single coils this constraint is satisfied since the currents of all winding portions are in
phase or in opposite phase. In case of a reverse converter for example the windings are
carrying the current alternately. For these kind of topologies the equations of [Die61],
[Bro97] and [Van88] have to be used. In [Vog96] and [Ku¨p05] equations for analytic cal-
culation of the ac losses of machine windings placed in stator slots are deduced. The
results of these calculations correspond to those of Dowell but Vogt examines a diversity
of winding configurations and proposes various equations for geometry optimization. In
the following, the analytic loss calculation for slot windings is summarized.
Applying Ampe`res law and the law of inductance to a conductor section of the height dy,
length l and width w placed in a slot of width wslot (cp. Figure 3.9) results in the following
differential equations for Ez(y) and Hx(y) :
Hx(y) wslot −
(
Hx(y) +
∂Hx(y)
∂y
dy
)
wslot = σEz(y) w dy
⇒ −dHx(y)
dy
= σ
w
wslot
Ez(y) (3.54)
− Ez(y) l +
(
Ez(y) +
∂Ez(y)
∂y
dy
)
l = −µ l j ω Hx(y) dy
⇒ −dEz(y)
dy
= j ω µ Hx(y) (3.55)
Combining equations (3.54) and (3.55) yields a second order differential equation,
d2Ez(y)
dy2
= j ω σ µ
w
wslot
Ez(y) (3.56)
with the solving approach
Ez(y) = c1 e
−β y − j β y + c2 e
β y + j β y (3.57)
where c1 and c2 are complex constants and β is:
β =
√
pi σ f µ ·
√
w
wslot
=
1
δ
·
√
w
wslot
(3.58)
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Inserting (3.57) into (3.55) results in an expression for the magnetic field Hx(y):
Hx(y) =
(1 + j) β
j ω µ
(
c1 e
−β y − j β y − c2 e β y + j β y
)
(3.59)
To determine the constants c1 and c2, the boundary conditions of the magnetic field Hx(0)
at the lower edge and Hx(h) at the upper edge of the regarded conductor can be utilized.
By definition, the origin of the coordinate system is always located at the lower edge of
the regarded conductor. Now, the parameter p refers no longer to a virtual current layer
within one conductor but identifies the conductor layer within the slot with 1 ≤ p ≤ n,
where n is the total number of slot conductors placed on top of each other. The line of
magnetic flux passing through the lower edge of the regarded conductor at y=0 surrounds
(p−1) times the current I. The line of magnetic flux at y=h surrounds p times the current
I. With Ampe`res law and (3.59) these conditions yield the following two equations with
which the constants can be determined.
(p− 1) I = −wslot (1 + j) β
j ω µ
(c1 − c2) (3.60)
p I = −wslot (1 + j) β
j ω µ
(
c1 e
−β h− j β h − c2 e β h+ j β h
)
(3.61)
By inserting the constants into (3.57) and by multiplying with the conductivity σ the
current density J z p(y), valid for layer p, is calculated to:
J z p(y) =
j ω σ µ
(1+j) β wslot
(
p I cosh[β h (1+j)] − (p−1) I cosh[β (h− y) (1+j)]
sinh[β h (1+j)]
)
(3.62)
To calculate the absolute value of J z p(y) the hyperbolic functions have to be split into
their real and imaginary parts. Then, the total copper losses PνCuACp of conductor p can
be calculated according to following equation:
PνCuACp =
w l
σ
∫ h
0
∣∣J z p(y)∣∣2 dy (3.63)
After solving (3.63) and performing some conversions, the losses can be written as
PνCuACp =
l
σ w h
I2 [ϕ(x) + p (p−1) ψ(x)]
= RDCp I
2 [ϕ(x) + p (p−1) ψ(x)] . (3.64)
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The corresponding functions ϕ(x) and ψ(x) are
ϕ(x) = x
sinh(2 x) + sin(2 x)
cosh(2 x)− cos(2 x) (3.65)
ψ(x) = 2 x
sinh(x)− sin(x)
cosh(x) + cos(x)
(3.66)
with
x = h β = h
√
pi σ f µ ·
√
w
wslot
=
h
δ
·
√
w
wslot
. (3.67)
The structure of (3.64) shows that the ac losses are calculated by multiplying the dc
losses RDCp I
2 by a certain factor which includes the loss increase due to eddy currents.
Obviously, the first term in square brackets is independent of the number of conductors
p. Thus, the function ϕ(x) is referred to as the skin effect factor. The second term
depends on the conductor layer p and represents the proximity effect. Consequently, ψ(x)
is called proximity effect factor. In Figure 3.22 the skin and proximity factors are plotted
in dependency of x.
In case of dc excitation with f=0 the bracket term in (3.68) equals to one and as expected
the ac losses are equal to the dc losses. However, for ac excitation the graphs illustrate
the dominating impact of the proximity effect as x increases.
To calculate the total losses of all slot conductors PνCuAC, the individual conductor losses
PνCuACp have to be summed up which leads to following expression:
PνCuAC = RDCp I
2
n∑
p=1
[ ϕ(x) + p (p−1) ψ(x) ]
= n RDCp I
2
[
ϕ(x) +
n2 − 1
3
ψ(x)
]
= PνCuDC
[
ϕ(x) +
n2 − 1
3
ψ(x)
]
(3.68)
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Figure 3.22: Skin and proximity factors as function of x
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Figure 3.23: Total loss factor kνCuACDC as function of x and n
The proximity factor ψ(x) is multiplied by the square of the number of conductor layers
n. Thus, to avoid high losses the proximity factor ψ(x) has to be kept very small if
the number of stacked conductors is large. Figure 3.23 illustrates the influence of the
parameters x and n on the total loss factor kνCuACDC which is defined by:
kνCuACDC =
PνCuAC
PνCuDC
= ϕ(x) +
n2 − 1
3
ψ(x) (3.69)
Table 3.1 presents the results of the analytic loss determination for the numerically cal-
Example 1 (Fig. 3.12) Example 2 (Fig. 3.17)
I=600A, f=1kHz, n=1 I=150A, f=1kHz, n=4
h=22mm, l=100mm h=5.5mm, l=100mm
wslot=11mm, w=9mm wslot=11mm, w=9mm
ρ=1.73 e−8 Ωm ρ=1.73 e−8 Ωm
PνCuAC deviation PνCuAC deviation
Analytic
Calculation 29.901W - 81.086W -
(equation(3.68))
Numeric
Calculation
( 10 current layers) 24.026W -19.6% 79.437W -2.0%
(200 current layers) 29.888W 0.0% 81.101W 0.0%
FEM 29.365W -1.8% 78.233W -3.5%
PνDC kνCuACDC PνDC kνCuACDC
Analytic
Calculation 3.146W 9.5 3.146W 25.8
Table 3.1: Comparison of the different loss calculation methods for the two examined examples
(Figures 3.11 and 3.16)
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Figure 3.24: Loss quotient PνAC, Ex2PνAC, Ex1 for the two example geometries as function of frequency
culated examples above. As expected, with increasing number of virtual current layers,
the results of the numerical method converge with those of the analytic method. The loss
values calculated with the finite element simulations are slightly smaller. One reason for
this is the real characteristic of the magnetic field in the slot. The analytic calculation
is based on the constraint that the magnetic field has only an x-component inside the
slot area. However, the finite elements simulations show that the field lines are somewhat
bent and are not purely one-dimensional. Furthermore, the factor η used in the analytic
equations was identified to be purely empirical (cp. section 3.2).
In addition to the ac losses the table contains the dc losses and the total loss factor
kνCuACDC. Although the chosen conductor dimensions and the excitation frequency do
not match realistic conditions for a slot winding application, the example illustrates the
strong influence of the winding configuration on the ac losses. Both configurations have
the same dc resistance and produce the same amount of magnetomotive force, but still
the ac losses of the second example are 2.7 times higher than those of the first example. In
Figure 3.24 the loss quotient
PνAC, Ex2
PνAC, Ex1
of both example geometries is plotted as function of
frequency. It is remarkable that for frequencies below 300Hz the geometry of the second
example produces less losses than the first example, whereas above 300Hz the losses of
example two are higher. This shows that the optimal choice between different winding
geometries depends on the operating frequency. Another interesting point is that the
quotient has a maximum and then converges somewhat below that maximum instead of
increasing continuously with frequency.
3.2.4 Definition of Winding Parameters
Rectangular conductors
The presented equations for analytic calculation of the losses occurring in a slot segment
of length l and width wslot are defined for winding geometries which have the total width
w and cover n winding layers each of height h. To calculate the losses of a given winding
topology these five geometric parameters have to be determined by transferring the inves-
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tigated winding geometry into an equivalent geometry. Usually numerous winding turns
and strands are merged during this process. Accordingly, the original coil current Icoil
has to be adapted in a way that the total magnetomotive force Θcoil = Nt, coil Icoil of the
original and equivalent geometry are equal. Figures 3.25 and 3.26 illustrate the geometry
adaption for two different winding configurations.
The first geometry represents the slot cross-section of a coil with six turns in which
each turn has eleven parallel, vertically stacked strands. These strands are insulated
with lacquer but they are electrically interconnected at the coil terminals. Due to this
electrical connection eddy currents can flow in opposite direction through different strands
forming a circulating current through strands and terminals. In section 3.2.1, the current
distribution inside a solid conductor was investigated (cp. Figure 3.14). It was shown
that the virtual layer currents have a z-component but no y-component. Since there is no
current component in y-direction the insulation of the individual strands in Figure 3.25
has no impact on the current distribution and thus can be neglected. Generally, it can be
stated that with respect to eddy current losses a number of insulated vertically stacked
strands, which are electrically connected at both ends of a slot, behave similar to a solid
conductor of same total size. For the example in Figure 3.25 this conclusion leads to the
geometry with merged strands plotted in the center. Obviously, the geometry has only
one vertical winding layer (n=1) which indicates that no proximity effect losses have to be
expected besides the skin effect losses. Due to symmetry reasons, the current distribution
inside the six turns must be equal since all turns carry the same total current Icoil and are
penetrated by the same magnetic field Hx(y). Hence, the six turns can be merged into
one solid conductor which is plotted in the right hand side of the Figure. The equations
n=1
1 2 3 4 5 6=m
n=1
real geometry equivalent geometrymerged strands
w=mw1
Icoil
I
wslot
w1
h
Icoil = 1Npath Iph I =
Nt, coil
n
1
Npath
Iph
Θcoil = Nt, coil Icoil Θ = n I = Θcoil
Figure 3.25: Determination of equivalent parameters I, h, w, n for analytic loss calculation.
Example of coil geometry with six turns comprising eleven parallel strands. All
coils of one phase connected in series. (Nt, coil =6 ; Nstrand =11 ; Npath =1)
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Figure 3.26: Determination of equivalent parameters I, h, w, n for analytic loss calculation.
Example of coil geometry with 24 turns. Four coils of one phase connected in
parallel. (Nt, coil =24; Nstrand =1; Npath =4)
underneath the winding plot define how the equivalent current I is calculated out of the
coil current Icoil.
The second geometry in Figure 3.26 represents the slot cross-section of a coil with 24
turns. All turns exist out of one single solid conductor without parallel strands. The
geometry has four winding layers (n=4) each comprising six turns. Again, as in the
example before, the horizontally adjacent turns can be merged into one conductor which
leads to the plotted equivalent geometry with one solid conductor for each winding layer.
h=
d 
1 2 m...
w=m h.
h


2
d
Figure 3.27: Transformation of round conductors into rectangular conductors of equivalent
cross-sectional area
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Round conductors
Due to lower costs and easier handling, the coils of electrical machines are predominantly
manufactured of round wire. To calculate the losses of geometries with round wires Dowell
[Dow66] transforms the round wires into rectangular conductors of equal cross-sectional
area. In 1994 Ferreira highlights that this substitution is only an approximation method
[Fer94]. To quantize the error of approximation he compares the results of both the exact
cylindrical solution and the rectangular approximation. The comparison shows that the
results of both methods match very well until the wire diameter d becomes equal to the
skin depth δ. At d = 10δ the rectangular approximation over-estimates the losses by 16 %.
Considering that for d
δ
> 10 the ac losses can exceed the dc losses in orders of magnitude,
such wire diameters are not reasonable for real applications. However, for winding designs
with d
δ
< 1 the rectangular approximation method fits well and highly simplifies the
calculations. Figure 3.27 illustrates the transformation process for one winding layer.
First the round conductors are substituted by rectangular conductors with edge width
h = d
2
√
pi. Then, they are vertically merged into one conductor of width w = mh. Again,
it has to be reminded, that the validity of the analytic loss calculation decreases when the
copper width w becomes small compared to the slot width wslot [Rob02a].
3.3 Arbitrary Current Waveforms
The analytic calculation methods presented in the preceding sections are restricted to
sinusoidal current waveforms. In 1984 Venkatraman showed that the losses occurring in
transformers with non sinusoidal current waveforms can be calculated by using Fourier
series analysis [Ven84]. Venkatraman confines his analysis to rectangular waveforms, but
of course, the Fourier analysis method can be applied to any periodic current waveform.
Equation (3.70) shows the Fourier series of an arbitrary current signal i(t) with periodicity
T0 and fundamental frequency f0 =
1
T0
.
i(t) = IDC +
∞∑
k=1
[
kIˆ ′ cos(k ω t) + kIˆ ′′ sin(k ω t)
]
(3.70)
The Fourier coefficients in (3.70) are defined by:
IDC =
1
T0
∫ T0
0
i(t) cos(ω t) dt (3.71)
kIˆ ′ =
2
T0
∫ T0
0
i(t) cos(k ω t) dt k = 1, 2, ... (3.72)
kIˆ ′′ =
2
T0
∫ T0
0
i(t) sin(k ω t) dt k = 1, 2, ... (3.73)
The signal i(t) can also be expressed as a series of phase shifted sine waves
i(t) = IDC +
∞∑
k=1
kIˆ sin(k ω t + kβ) (3.74)
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with kIˆ =
√
kIˆ ′
2
+ kIˆ ′′
2
and kβ = arctan
(
kIˆ ′
kIˆ ′′
)
(3.75)
In the following,it is examined how the RMS value I
I = Irms =
√
1
T0
∫ T0
0
i2(t) dt (3.76)
of the current i(t) is composed of its spectral components. For this purpose, the Fourier
series (3.74) is inserted into (3.76).
I =
√√√√ 1
T0
∫ T0
0
[
IDC +
∞∑
k=1
kIˆ sin(k ω t + kβ)
]2
dt
=
√
I2DC +
1Iˆ2
2
+
2Iˆ2
2
+ ...
=
√
I2DC +
1I2 + 2I2 + ...
=
√√√√I2DC + ∞∑
k=1
kI2 (3.77)
After multiplication and integration of the bracket term only the series in the second line
of (3.77) remains. All other terms disappear by integration over the period T0.
According to this, the square of the current I is composed of the sum of all square values
of the Fourier coefficients. Hence, the total losses can be calculated by summing the losses
of each spectral component which yields:
PνCuAC = RDC
[
I2DC +
∞∑
k=1
[
kI2
(
ϕ(kx) +
n2−1
3
ψ(kx)
)]]
(3.78)
The loss factor of each frequency has to be determined separately evaluating equations
(3.65) and (3.66) with
kx = h kβ = h
√
kf0 pi σ µ
√
w
wslot
. (3.79)
In the following, (3.78) is verified and the composition of the ac losses for arbitrary current
waveforms is illustrated.
For this purpose a typical phase current of a switched reluctance machine is applied to the
two example geometries of Figure 3.11 and Figure 3.16. For both geometries, the losses are
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Figure 3.28: left: Time signal iph(t) of a typical SRM phase current
ac losses calculated by FEM (examples of Figures 3.11 and 3.16)
dc losses calculated with PνCuDC = RDC i2ph(t)
right: Fourier coefficients kIph of iph(t)
Fourier Example 1 Fourier Example 2
i1(t) =
Nt, coil
n
1
Npath
iph(t) i2(t) =
Nt, coil
n
1
Npath
iph(t)
n=1, Nt, coil = 6, Npath = 1 n=4, Nt, coil = 24, Npath = 4
h=22mm, l=100mm h=5.5mm, l=100mm
wslot=11mm, w=9mm wslot=11mm, w=9mm
ρ=1.73 e−8 Ωm ρ=1.73 e−8 Ωm
PνCuAC Deviation PνCuAC Deviation
FEM 77.70W -0.6% 180.90W -2.2%
Analytic
Calculation 78.18W - 184.97W -
(equation(3.78))
Spectral Loss kPνCuAC
kPνCuAC
PνCuAC
kPνAC
kPνCuAC
PνCuAC
Components
k=0 ⇒ 0.0 kHz 4.87W 6.2% 4.87W 2.6%
k=1 ⇒ 0.7 kHz 50.23W 64.3% 112.99W 61.1%
k=2 ⇒ 1.4 kHz 16.72W 21.4% 49.15W 26.6%
k=3 ⇒ 2.1 kHz 0.34W 0.4% 1.02W 0.6%
k=4 ⇒ 2.8 kHz 1.72W 2.2% 4.98W 2.7%
k=5 ⇒ 3.5 kHz 2.17W 2.8% 6.11W 3.3%
k=6 ⇒ 4.2 kHz 0.35W 0.4% 0.97W 0.5%
PνCuDC kνCuACDC PνCuDC kνCuACDC
Analytic
Calculation 13.01W 6.0 13.01W 14.2
Table 3.2: Loss calculation for arbitrary current waveform iph(t)
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calculated by Fourier analysis and by finite element simulation. Figure 3.28 presents the
applied current iph(t) and its spectral components
kIph. Additionally, the ac losses of both
examples and their common dc losses are plotted versus time. The dashed lines indicate
the mean values of the losses. In Table 3.2, the results of the analytic calculation using
Fourier series analysis and the results of the finite element simulation are compared. The
deviation lies in the range of a few percent which confirms the validity of both calculation
methods. In the mid section of Table 3.2, the dc loss component and the spectral loss
components up to the sixth harmonic are listed. The loss quotient
PνAC, Ex2
PνAC, Ex1
has a value of
2.4. This value is consistent with the graph in Figure 3.24 since the fundamental frequency
of 700Hz dominates the total losses.
3.4 Conclusion
If conductors carry an ac current or if they are penetrated by a external time varying
magnetic field, eddy currents circulating inside these conductors is the consequence. This
chapter explains the fundamentals of these eddy currents and presents equations for the
calculation of the related eddy current losses. The meaning of both the terms skin effect
and proximity effect is explained and illustrated with an example. A focus of the chapter
lies on the investigation of so-called slot windings as they are typical for rotating field
machines. For slot geometries with parallel edges it is shown how analytic equations can
be used for loss calculation if certain geometric constraints are met. One question of
this work is, if the presented analytic loss equations can be reasonably used to predict
eddy current losses in windings of switched reluctance machines. The arbitrary current
waveforms, typical for switched reluctance machines are not seen as a problem, since the
current can be separated by Fourier analysis which allows to calculate the losses for all
harmonics independently. However, the slot geometry of switched reluctance machines is
in contradiction with the geometric constraints, required for analytic loss calculation. The
slot edges are typically not parallel and the slot width is often larger then the slot height.
Furthermore, the magnetic field close to the air gap is not one-dimensional at all, since
the rotor motion forces a strong two-dimensional stray flux through the slot. To compare
the real eddy current losses of switched reluctance machines with analytic predictions,
only finite element simulations seem to be adequate. Consequently, an appropriate finite
element based simulation process is developed in chapter 4.
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4 Finite Element Model
In chapter 2.4 it has been pointed out that the copper losses due to eddy currents are
not negligible and have to be considered in the machine design process. This chapter
now describes in detail the implemented procedure for finite element based simulation of
switched reluctance drives taking into account all machine and converter losses. Figure 4.1
Machine Design with PC-SRD®
Machine Geometry
Winding Configuration
Materials
Dynamic Solving
Definition of Operating Point in MATLAB®
Machine Control by Simulink® and Solving by FLUX2D®
(FLUX® to Simulink® Technology)
Post Processing
Copper Loss Calculation with FLUX2D®
Iron Loss Calculation with MATLAB® by
 Using Generalized Steinmetz Equation
Calculation of Machine Efficiency
Automated FEM Model Generation
1. Step
Import of PC-SRD Data to MATLAB®
Optional Geometry Modifications
Detailed Definition of Winding Geometry
Generation of FLUX2D® Script File
2. Step Automated Model Generation byScript File Execution in FLUX2D®
Figure 4.1: Simulation process
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presents a chart that illustrates the sequence of modeling, simulation and post processing.
One of the implemented key features is the automated model generation process which
allows to build models of machines with complex winding geometries. These geometries
are then solved for particular operation points with a transient solver. Since the finite
element simulations are controlled by MATLAB, any control structure for current control
or direct-torque control can be applied. A new end-effect modeling method was imple-
mented for better torque prediction for machines with short stack length. The decisive
improvement of the developed tool lies in the ability to calculate the eddy current losses
inside all individual winding conductors. Together with the determination of all other
machine losses this allows a precise prediction of the machine efficiency.
4.1 Modeling
The modeling process covers all steps that are required for the definition of a physical
problem that can be solved by a finite element solver. In the following, these modeling
steps are discussed.
4.1.1 Simulation Domain
The implemented simulation model is based on two-dimensional finite element simulations
which means that only the cross section of the investigated machine is modeled. The sim-
ulation domain is the part of the investigated geometry that is modeled in detail and for
which the field equations are solved during the simulation process. It can either cover
Dirichlet
ref of anticyclic condition
Anticyclic
Cyclic
Figure 4.2: Simulation domain with anticyclic boundary condition of a 16/12 SRM
(Nph=4, p=2)
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the entire cross section or a segment of it. If the geometry of the investigated problem
has no symmetries, it has to be modeled as a whole. However, for most configurations of
electrical machines the simulation domain can be downsized by taking advantage of ma-
chine symmetries. Switched reluctance machines are correctly modeled if the simulation
domain includes one stator pole of each machine phase.
θdomain = 360
◦ Nph
Ns
= 360◦
1
2 p
(4.1)
According to (4.1), the domain angle decreases with the number of pole pairs p. Figure 4.2
presents the simulation domain of a 16/12 switched reluctance machine. The solving
process requires the definition of appropriate boundary conditions for the domain borders.
The inner and outer radial domain border are assigned to a Dirichlet condition which
forces the vector potential ~A to zero. Thus, magnetic flux outside the simulation domain
is avoided. The cutting edges are assigned to either an cyclic or anticyclic boundary
condition, linking the nodes of the two boundaries with positive or negative sign. In
case of anticyclic condition, for example, the flux values are of the opposite sign at the
homologous nodes of the two cutting edges. The patterns of the magnetic flux depend
on the chosen boundary condition and on the orientation of the phase coils. A detailed
analysis of the correlation of different flux patterns and torque production can be found
in [O¨tt00].
4.1.2 Winding Modeling
Coil Conductors versus Solid Conductors
In most finite element models of electrical machines the windings are modeled with so-
called coil conductors. In the simulation domain, a coil conductor is represented by only
one region, regardless of the number of turns it represents. Two of these coil conductors
Figure 4.3: Detailed and simplified simulation domain
left: detailed domain (all phases modeled with solid conductors)
right: simplified domain (one phase modeled with solid conductors)
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with opposite current direction are enough to simulate a complete stator coil. The total
coil resistance and the number of turns can be parameterized by the user without the need
for changing the simulation domain. This is very convenient when making modifications
of the winding layout. Furthermore, the corresponding coil regions can be meshed coarsely
which reduces the simulation time. Still, coil conductors have a major drawback. During
the solving process, the coil regions are treated as vacuum which implicates that the
current densities in these regions are not calculated. The dc losses can be calculated
based on the parameterized coil resistance and the current but the modeling technique is
not applicable for the calculation of eddy current copper losses.
For ac copper loss analysis each winding strand has to be modeled with a so-called solid
conductor. These solid conductor regions are assigned with the material properties of
copper. Hence, eddy currents and their influence on the dynamic field distribution are
included in the solving process. Such a simulation domain with detailed winding mod-
eling is the most sophisticated modeling method for real machine geometries. Not only
eddy currents but also the leakage flux through the winding regions can be calculated.
However, the costs for such complex simulations are high. The model generation is very
time consuming due to the larger number of strand regions that have to be defined and
linked to the corresponding circuit element. Only few selected geometries could have been
investigated within this work, if the geometries would have had to be modeled manually.
To overcome this limitation an automatic model generation tool has been implemented
(cp. section 4.1.7).
Coil conductor regions can be meshed much more coarsely than the regions of solid con-
ductors. To save simulation time, the usage of both solid and coil conductors within one
simulation domain has been investigated. The idea is to model the windings of phase one
with solid conductors and the windings of the remaining phases with coil conductors. If
the losses PνCuAC calculated for phase one are not influenced by the modeling method of
the adjacent phases, the total machine copper losses could be calculated by multiplying
these losses with the number of phases. To verify if this is an appropriate simplification
Position in el. degree
L
o
ss
es
in
C
o
il
P
h
1
P
in
W
simplified domain
detailed domain
0 45 90 135 180 225 270 315 360
0
200
400
600
800
1000
Position in el. degree
L
o
ss
es
in
C
o
il
P
h
1
N
in
W
simplified domain
detailed domain
0 45 90 135 180 225 270 315 360
0
200
400
600
800
1000
Figure 4.4: Comparison of phase losses in detailed and in simplified domain
left: positive coil side with outgoing rotor pole
right: negative coil side with incoming rotor pole
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Figure 4.5: Magnetic field distribution in detailed and simplified domain
method the two simulation domains in Figure 4.3 have been simulated for one operat-
ing point and then the results were compared. Figure 4.4 presents the calculated loss
distribution of phase one Ph1 during one electrical period. Obviously, the results vary
significantly. Throughout the whole cycle, the losses calculated with the simplified do-
main are higher than those calculated with the detailed domain. For the positive coil
side Ph1P (outgoing rotor pole) the mean difference is 27 % and for the negative side
Ph1N (incoming rotor pole) it is 8.5 %. In total this is a deviation of 17 %. The origin
for this deviation is the different characteristic of the calculated leakage field inside the
winding regions of Ph1. Figure 4.5 shows a snap-shot of the magnetic field distribution at
45◦ rotor position. In the simplified domain, the field displacement in the winding regions
Ph1P is stronger than in the detailed domain. Since the examined example shows that the
usage of coil conductors falsifies the calculated losses, no coil conductors will be used for
coil modeling. Instead, all windings are modeled with individual solid conductors. As a
comment it has to be said that the torque results were equal for both simulation domains.
Thus, coil conductors are a proper modeling method if only the magnetic characteristic
and the output torque is of interest.
Insulation Modeling
In switched reluctance machines the leakage flux through the winding regions increases
strongly toward the air gap. Hence, the spatial position of the individual winding strands
has distinct effect on the calculated eddy current losses. For correct modeling of both
copper cross-section and spatial position of the individual winding strands, the insulation
spacing between the strands has to be modeled using air regions. If the insulation is thin,
the resulting air regions require very fine meshing to avoid misshaped mesh elements
and consequently the simulation time increases unreasonably. Predominantly, the correct
position of the strands located close to the air gap is crucial for the quality of the model.
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Winding Scheme
Although the simulation domain covers only a fraction of the total machine windings, the
finite element program includes all windings in the solving process. Thus, the voltages
and currents in the electric circuit behave as if the entire machine is simulated and no
adaption factors are needed. To make this work, the winding scheme of the virtually
added coils has to be defined. FLUX2D allows to define the number of parallel paths
Npath separately for each winding strand. For Npath=1 all stator coils are connected in
series and for Npath = 2p they are all connected in parallel. Also combinations of parallel
and series connections are permitted.
4.1.3 Search Coils for Flux Determination
In switched reluctance machines the flux waveform in the different core parts is not uni-
form. The stator poles for instance are exited with unipolar flux whereas the rotor poles
are carrying bipolar flux. Thus, for the calculation of iron losses, the flux density wave-
form in all core parts has to be determined separately. One solution would be to let the
FLUX2D post processor compute the flux densities subsequent to the solving process.
However, this method is very time consuming and requires additional handling. More
efficient is the implementation of search coils in all relevant core parts (cp. Figure 4.6).
The induced voltage USC of all search coils is calculated and saved for all simulation steps.
At the end of the simulation process, the corresponding flux waveforms can be calculated
using following equation:
Ψ SC =
∫
U SC dt (4.2)
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Figure 4.6: Search coils for flux determination
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Dividing the calculated flux waveforms by the cross sectional area of the search coils then
leads to the spatial averaged flux densities of all core parts.
B SC =
Ψ SC
A SC
(4.3)
The flux densities are the main input quantities for the calculation of the iron losses. The
implementation of the loss calculation is discussed later in section 4.3.4.
4.1.4 Mesh
Generally, finite element simulations are a trade-off between precision and computational
costs. The chosen mesh density has a strong impact on the simulation time. Thus, criteria
for a proper mesh density have to be derived.
FLUX2D provides a special meshing feature, called rotating air gap. Using this feature,
the simulation domain is divided into three different sections, namely the fixed stator
regions, the rotating rotor regions and the rotating air gap. The advantage of this principle
is that the stator and rotor regions remain meshed throughout the simulation process.
Only the air-gap region needs to be remeshed at every simulation step. The node distance
in the air-gap region is chosen equally to the air-gap size. This assures for all rotor
positions proper shaping of the mesh elements [CED05a]. Figure 4.7 presents a well
meshed simulation domain. Typically, the node density at the air gap is higher than it
is required for the yoke regions. Thus, the mesh density is set to decrease continuously
from the air gap toward both shaft and outer radius. The mesh inside the rectangular
conductor regions is generated with the so-called mapped mesh which allows to generate
rectangular mesh elements. All other regions of the simulation domain are meshed with
triangular elements.
Figure 4.7: Mesh of simulation domain (OKOFEH V2)
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Figure 4.8: Typical phase current of OKOFEH SRM at 3500 rpm
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Figure 4.9: Typical phase current of OKOFEH SRM at 8000 rpm
Somewhat more difficult is the determination of an optimal mesh density for the conductor
regions. Main objective of the simulation model is the precise calculation of the ac copper
losses. Thus, it has to be ensured that the node density inside the conductors is fine
enough to avoid systematic calculation errors. In literature two to four nodes per skin
depth are proposed [Kae02], [CED05a] for proper eddy current calculation. Since these
general values are given for sinusoidal excitation currents, they are not directly usable for
switched reluctance machines. The currents of switched reluctance machines have large
harmonic components. The spectral composition depends on the current shape, which
changes along with the operating speed. Figures 4.8 and 4.9 show two typical current
waveforms and their spectral composition up to the tenth harmonic. The hysteresis-
controlled current indeed contains much higher frequencies than plotted but due to their
small amplitudes these components are negligible. For the determination of an optimal
node density, the highest frequency with relevant amplitude has to be identified. For the
current in Figure 4.8 this is 5.6 kHz and for the single pulse current it is 8.0 kHz. Analysis
of numerous differently shaped single pulse currents have shown that the highest relevant
frequency in most cases does not exceed the fifth harmonic. Figure 4.10 shows a general
skin-depth-speed diagram with typical rotor pole numbers Nr as parameter. For most
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Figure 4.10: Skin depth versus speed for typical rotor pole numbers
common operating points and various machine configurations the right diagram can be
used to identify the skin depth δ5 of the fifth harmonic. In comparison the left diagram
shows the skin depth for the fundamental.
After identifying the smallest relevant skin depth, the node density could be defined by
choosing the proposed two to four elements per skin depth. However, these recommenda-
tions are not very precise and unnecessarily increasing the node density costs enormous
simulation time. Thus, a comprehensive simulation test series with varying mesh densities
has been performed. One operating point (cp. Figure 4.8) of the investigated simulation
domain has been resimulated several times with decreasing mesh density. Then, for each
simulation the copper losses inside the conductors of phase one were calculated and com-
pared. Figure 4.11 presents the result of the examination. For more than 2 nodes per skin
depth δ5 the calculation error disappears. For 1.3 nodes per skin depth δ5 the error is only
0.3 % but increases strongly with further reduction of the mesh density. The results show
that 1.5 to 2 points per skin depth δ5 are sufficient to obtain full calculation accuracy.
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Figure 4.11: Deviation of calculated copper losses in dependence of node density
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The following list summarizes the procedure for optimal mesh generation.
• set mesh density of air-gap region equal to air-gap size
• set mesh density to decrease continuously from the air gap toward both shaft and
outer radius
• determine the highest relevant frequency and the related skin depth
• place 3 to 4 nodes per skin depth δ (1.5 to 2 nodes per δ5) in conductor regions
• eliminate bad mesh elements by local mesh modifications
4.1.5 Electrical Circuit
The electrical circuit defines all electric connections of the simulation domain and holds
additional electric components. Each conductor region in the simulation domain is linked
to a corresponding element in the electrical circuit. Additionally, voltage and current
sources as well as passive components (resistors, inductors, capacitors) can be integrated
into the circuit. Throughout a simulation, the physical quantities of components can
be adapted by the Simulink control and voltages and currents of all elements can be
read. In minimum, a circuit with one voltage source for each machine phase is sufficient
to run a simulation [D’h03]. Using this basic circuit the magnetization, freewheeling and
demagnetization states are directly controlled by the applied phase voltage. The extinction
angle of the current has to be tracked in order to detect the end of the demagnetization
phase.
Most of the common control structures for switched reluctance machines are based on
current hysteresis control, as it has been implemented in the OKOFEH traction drive
[Car02]. However, there are more and more control strategies proposed that are based on
PWM [Bar98] [Fue04] or on direct instantaneous torque control [Ind03b]. Thus, an uni-
versal machine model must offer an interface that is independent of the control structure.
As a consequence, the whole asymmetrical half-bridge topology has been modeled in the
FLUX2D circuit. This way, the machine currents are controlled directly by the switching
signals, which provides highest flexibility regarding the applied control structure.
The following list gives an overview of the requirements for the universal electric circuit.
• one universal circuit independent of control strategy
• asymmetrical half-bridge topology for dynamic simulations
• direct current control for static computations
• end-effect modeling
• solid conductors for calculation of eddy current losses
• modeling of converter losses
• measuring points for power tracking of each individual phase power
• search coils for flux measurement and iron loss calculation
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Based on the listed requirements, a universal electrical circuit has been designed. Fig-
ure 4.12 presents a schematic of the circuit structure. The number of phases and coil
conductors has to be adjusted for each problem according to the simulation domain. The
circuit can be adapted to the needs of the simulation by changing the component param-
eters.
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Figure 4.12: Schematic of the electric circuit implemented in FLUX2D
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Asymmetrical Half-Bridge Functionality
For the most typical asymmetrical half-bridge functionality, the current sources I PH are
set to zero ampere and their parallel resistors R I to zero Ohm. The dc-link voltage is set
with the phase voltage sources V DC. There is one voltage source for each phase. Thus,
the dc-link input power can be measured for each phase separately, which is important
if machine asymmetries are investigated. The switches are modeled by the resistors R H
and R L. The resistance has to be changed according to the switching state. Linear
conduction losses can be simulated by the choice of a proper on state resistance. The
voltage sources connected in series with the switching resistors and with the diodes can
be used to apply the corresponding threshold voltages (cp. section 4.3.2). Especially
for low voltage machines it can be important to model these voltage drops, since they
reduce the available phase voltage. The resistances parallel to the coil conductors R V
are high-impedance and solely used for measurement of the phase voltages. Together with
the current measurements using the resistors R I, the total power consumption of each
machine phase can be tracked independently.
Impressed Current
For the calculation of static flux linkage and torque characteristics, the asymmetrical half-
bridge topology is less convenient. By switching the resistors R I to high impedance, the
phase currents are directly controlled by the corresponding current sources I PH. This
allows a parametric solving process with current and angle as parameter. Thus, the static
characteristic curves can be calculated using the universal finite element model without
the need for any modifications of the simulation domain.
Flux Measurement
The search coils for the calculation of the magnetic flux are implemented with coil con-
ductors. Two of these coil conductors with opposite orientation represent one search coil.
The induced voltage in each search coil is measured at each simulation step and stored
along with all other simulation data. For accurate voltage measurement, the resistance of
the coil conductor elements is set to zero and the parallel connected measuring resistances
are high-impedance.
4.1.6 Materials
Switched reluctance machines are operated in deep saturation of the iron material. Often
local flux densities in the core material reach values of more than 2 Tesla. Hence, the
quality of the finite element simulations directly depends on the accuracy of the material
modeling. Generally, electrical machines are built with non-oriented lamination steel.
Various types of these laminations are available on the market. The notation M330-35A
for example characterizes a 0.35mm thick lamination with a maximum loss density of
3.3W/kg at 50Hz and Jmax=1.5T. The loss density is influenced both by the lamination
thickness and the chemical composition of the material. By adding up to 3.2 % silicon to
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the lamination alloy, the electrical resistance is reduced which decreases the eddy current
losses [Sta05a]. However, adding silicon to the steel reduces the magnetic polarization
in the saturation region. Thus, the material choice is not only a matter of costs but a
trade-off between iron losses and magnetization characteristic.
Data Sheet Properties
The easiest way to obtain the characteristic of a material is to refer to the manufacturers
data sheet. Usually there are graphs showing the magnetic polarization J in dependence
of the magnetic field H. The B(H) characteristic which is required for the finite element
model can then be calculated according to the well-known equation.
B = µ0 H + Jm = µ0 µr H (4.4)
Figure 4.13 shows the B(H) characteristic of the lamination M330-35A in both logarith-
mic and linear scale. The curves have been extracted from different data sheets and from
FLUX material data bases. The corresponding material norm [DIN96] defines minimum
values for the polarization J only for three discrete field values, which are marked in Fig-
ure 4.13. All plotted curves meet this requirement for the polarization. Up to flux values
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Figure 4.13: M330-35A - Comparison between different data sheets
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of 1.7T the material curves of the different data sheets match well. An exception is the
curve of the FLUX8.1 material base, which has been linearized in the origin for numeri-
cal reasons. However, the major problem is, that the norm only requests to characterize
the materials up to flux densities of 1.7-1.8T. For the application in switched reluctance
machines this value is far too low and thus the curves have to be extrapolated. An extrap-
olation of the curves in Figure 4.13 to values of more than 2T is very inaccurate and the
curves would strongly diverge. If simulations have to be performed based on data sheet
properties, experience has shown that it is preferable to extrapolate the material data
graphically up to the maximum expected induction level. Alternatively the extrapolation
can be done automatically by the finite element software which lacks the possibility of
verification.
Recapitulating, it has to be stated that machine simulations purely based on extrapolated
data sheet properties carry a high amount of uncertainty. If possible a comparison with
measured data should be performed.
Measurement of Material Properties
The measurement of the magnetization and the loss characteristic of material samples
is complex, especially if high excitation with high frequencies is required. The so-called
Epstein frame [DIN06a] is the most used fixture for the characterization of magnetic
materials. It works like a transformer where the sample strips are fixed inside the coils
forming a core. However, the maximum induction level supported by Epstein frames is not
higher than 1.8T. In [Mth05] a modification of the standard Epstein frame is proposed.
By reducing the winding number and the number of sample strips the excitation level
is increased and higher induction levels are reached. Another measuring method is the
use of ring testers [DIN06b]. An advantage of this method is that ring samples have a
geometry that is closer to that of electrical machines. The method is quite laborious,
since for each new material characterization, measuring coils have to be wound around
the ring. Still, the ring testing method allows fairly good characterization of laminations
without the need for cost-intensive measuring equipment [Kre97].
Material Tuning Based on Measured Flux Linkage
Once a machine design has been realized, usually the flux linkage versus phase current is
measured on the test stand. Figure 4.14 shows a measured flux linkage characteristic for
the aligned rotor position. In this position, the end-effects, which are not covered by 2d
finite element simulations, have little influence on the flux linkage characteristic. Thus,
the measured and simulated flux linkage curves for the aligned position should match well.
In reality, the curves often diverge as is the case in the present example. The main reason
for the divergence is that the real material does not match the defined material properties.
Other reasons can be the influence of lamination machining or geometric inaccuracies of
the model. Geometric simplifications and an inaccurate stacking factor are examples. A
common method to account for insulation of the laminations in finite element simulations
is to reduce the depth of the simulation domain according to the stacking factor. However,
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Figure 4.14: Flux linkage curves
since a reduction of the domain depth reduces the simulated copper volume, this method
is problematic if the aim of the modeling is to calculate the copper losses. Consequently,
it is better to simulate the real depth of the machine and to account for the stacking factor
by tuning the material data. If the investigated machine is already realized, the material
properties can be tuned by evaluating the measured flux linkage characteristic.
In the following, the developed material tuning procedure is explained, starting with the
general equation of the magnetic circuit
Θ = Φ Rm = Φ (RmAir +RmFe) (4.5)
with the magnetic resistance
Rm =
l
µo µr S
. (4.6)
If the fraction ratio of length l and cross section S is constant, the permeability µr is
proportional to the inverse of the magnetic resistance RmFe.
µr ∼ 1
RmFe
for
l
S
= const (4.7)
The basic idea is now to tune the permeability µr(I) of the modeled material by comparing
the iron resistance RmFe(I) of both measurement and simulation. First, the total magnetic
resistance Rm, loop of one flux loop inside the machine has to be determined. It is assumed
that in the aligned position the flux in this loop crosses the air gap two times and that two
coils contribute to the magnetomotive force. The flux value of the loop can be calculated
by dividing the flux linkage of one coil by its turn number. With the following equation
the magnetic resistance Rm, loop can be calculated for different machine configurations.
Rm, loop =
Θloop
Φloop
=
2Nt, coil Icoil
Ψphase
Nt, coil Nserial
=
2Nt, coil
Iphase
Npath
Ψphase
Nt, coil
Ns
Nph Npath
=
2Ns N
2
t, coil
Nph N2path
Iphase
Ψphase
(4.8)
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Figure 4.15: Magnetic resistance as function of current
Figure 4.15 presents the total magnetic resistances Rm, loop of measurement and simula-
tion. At low currents, the iron resistance RmFe is negligible since the permeability of the
unsaturated iron is large. Thus, the resistance at low currents is dominated by the air-gap
resistance. This explains, why the gradient of the flux linkage in the aligned unsaturated
region is predominantly a function of the air gap and not of the material characteristic.
Figures 4.14 and 4.15 show that the measured and simulated air-gap resistances match
very well. To verify its value the air-gap resistance can also be calculated analytically
with (4.9). In the present example the difference between measurement, simulation and
calculation is less than one percent.
RmAir, loop =
2 lgap
Spole µ0
(4.9)
With (4.5), (4.8) and (4.9) the magnetic resistance RmFE, loop can be calculated. With
RmFE, loop and (4.7), the tuning of the material permeability can be performed according
to following relation:
µr, tune(I) =
RmFe, loop, FEM(I)
RmFe, loop,Measure(I)
µr, FEM(I) (4.10)
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Figure 4.16: µr characteristic as function of current
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Figure 4.17: Magnetization curves of SURA No20
Since RmFE, loop is close to zero at small currents there might occur numerical errors
which have to be prevented adequately. Figure 4.16 presents the original and tuned µr
characteristic. The permeability of the tuned material is somewhat smaller than the
original is. This was expected since the stacking factor, as mentioned above, is set to
one. In the last step the tuned permeability µr, tune(I) has to be correlated with the flux
density in order to eliminate the dependency on the current:
Htune(I) =
BMeasure(I)
µr, tune(I) µ0
(4.11)
with
BMeasure(I) =
ΨMeasure(I)
Nt, coil Nserial Spole
(4.12)
Figure 4.17 presents both the tuned and the original material characteristic. To verify
the material tuning process, the same operating point was resimulated using the tuned
material data. Although the tuning method is only an approximation, since it assumes
equal saturation of the entire iron loop, the result shown in Figure 4.14 is surprisingly
good. However, for other materials and machine configurations the result might be less
accurate.
4.1.7 Automated Model Generation
In the preceding sections various aspects regarding the setup of the required finite element
model have been discussed. In particular, the section about winding modeling shows the
complexity of the model, especially for high numbers of winding turns. Manual modeling of
such complex simulation domains is nearly impossible, at least very tedious and inflexible.
In order to use the finite element calculations as an efficient design tool, an automatic
model generation tool had to be implemented. The chart in Figure 4.18 shows the concept
of the automation tool. First all relevant machine data is gathered in MATLAB regardless
whether imported from PC-SRD or entered manually. The data can be edited using a
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FEM Model Script Generation
1. Data Import from PC-SRD or Manual Input
2. Geometry Configuration 
3. Definition of Winding Geometry
4. Mesh Definitions
5. Material Selection
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7. Storage of Project Data
Generation of Model Script File
1. Refinement of Mesh Definitions
2. Storage of Project Data
Generation of Mesh Script File
Execution of Script File in FLUX2D
Mesh OK? Mesh Refinement
Model Ready to Solve
Figure 4.18: Automated model generation
graphical user interface. After all definitions have been applied, the whole model is built
virtually in MATLAB. Each step is coded in the FLUX python language and added to
a script file which can be executed in the FLUX2D preprocessor. The script generation
takes only a few seconds, whereas the execution in FLUX2D lasts a period of time ranging
from minutes to several hours depending on the complexity of the model. If the mesh of a
new model needs to be refined, the mesh definitions have to be changed in MATLAB and
then applied to the model using a special mesh script file. Only this way it is guaranteed,
that the MATLAB project file covers all final parameters of the realized model. In the
following, the main features of the automating tool are briefly introduced.
Geometry configuration
In the geometry mask all radii and angles defining the stator and rotor geometry are
entered. If the machine has been simulated with PC-SRD, the parameters can be directly
imported from the PC-SRD data file. However, for the simulation of special machine
shapes the original PC-SRD parameter set was expanded. The definition of rotor steps
and special saturation areas allows the examination of starting mechanisms of one or two
phase machines [Hen06b].
Winding configuration
Figure 4.19 presents the configuration mask for rectangular windings which is used for
all definitions regarding shape, position and wiring of the individual winding strands. As
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Figure 4.19: Interface for definitions of rectangular windings
mentioned before, the spatial position of the conductors close to the air gap has strong
influence on the results of the dynamic copper loss calculations. A coil offset parameter
can be used to virtually concentrate all insulation spacings of the coil at the slot bottom.
The whole coil is shifted toward the air gap. This way, no individual conductor insulation
needs to be modeled for correct positioning of the upper copper layers.
The overall electric machine configuration depends not only on the wiring of the windings
covered by the simulation domain, but also on the chosen simulation periodicity. The
selection of either cyclic or anticyclic periodicity in combination with the free selectable
coil orientations allows to model numerous different flux excitation patterns [O¨tt00].
Mesh configuration
All lines of the model are assigned to so-called mesh lines which have a defined node
density. Based on geometry data, initial values for all mesh lines are calculated. For
most geometries a good mesh structure is obtained with these initial values. If the mesh
has poor quality elements [CED05a] it can be optimized by adapting the node density of
individual mesh lines. For proper calculation of the eddy current losses the node density
inside the conductors has to be defined according to the rules established in section 4.1.4.
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Material configuration
In the material configuration mask the materials for lamination and conductors are se-
lected. The optimal lamination material depends on the application and its choice is
part of the machine design process. In contrast, almost all realized machine windings
are made out of copper and thus copper is the preselected material for the conductors.
Since the electric resistivity of copper increases with temperature it is important to define
the expected working temperature of the copper. The corresponding resistivity is then
calculated and assigned to the model.
Script file generation and execution
After entering all model data, the script file for FLUX2D can be generated. The virtual
construction of the model is a very complex task and the resulting script files are large.
The script for the OKOFEH machine version V2 for instance has a total size of 280 kB and
comprises more than 2500 python commands. Since FLUX2D cannot handle python files
larger than 64 kB, the script is split up into several files which call each other successively.
More than 50 MATLAB functions have been implemented for the scripting tool [Boc06].
For an efficient construction of the stator windings, each stator pole is assigned to its own
coordinate system. The angle between the coordinate systems is equal to the pole pitch
and thus, the calculated conductor coordinates can be used for all phases in common.
Still, the major difficulty is the data management of the constructed points, lines and
faces. In the geometry model no duplicate points or intersecting lines are allowed. If new
faces are constructed which border on already existing faces, it is not allowed to construct
new border points on top of the old ones. Instead, the already existing points have to
be addressed. This makes it necessary to store the names of all relevant points and faces
that have to be readdressed during the modeling process.
The generated script file can be directly executed in the FLUX2D preprocessor environ-
ment. After checking and if necessary refining the mesh, the model is ready for solving.
4.2 Solving
For the analysis of the modeled machine design, the problem has to be solved for char-
acteristic operating points. Additionally to the nominal operating point, at least one low
speed point with overload current and one high speed point should be investigated. The
dynamic solving process is based on the FLUX to Simulink technology which is provided
by the FLUX manufacturer. Using this technology, the finite element simulation is di-
rectly integrated into a Simulink model. Thus, it is possible to combine complex control
structures and FEM calculations within one simulation environment.
4.2.1 User-Defined Input Parameters
Figure 4.20 outlines the steps of the solving process. First all parameters describing the
operating point have to be defined. These are the speed n, the dc link voltage VDC, the
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Solving Process
1. Input of simulation parameters
Imin, Imax, Θon, Qoff, Udc, N, ∆Θel. res.,Θstart offset
2. Calculation of static parameters
steptime, stoptime, mech. offset,
definition of FLUX input/output data
3. Solving
Dynamic simulation of operating point in Simulink® by using 
FLUX® to Simulink® Technology
Storage of results in *.mat file
Figure 4.20: Solving process
current control parameters Imin, Imax and the switching angles θon and θoff . Due to the
long simulation time of the FEM calculations it is not reasonable to use the FEM model
for control parameter optimization. Thus, the controll parameters should be precalculated
with PC-SRD or with a look-up table based model [Ind00].
In addition to the control parameters, the simulation step size and the initial position
of the rotor are specified with the parameters θel.res. and θoffset. For hysteresis-controlled
operating points the resolution has to be high enough to ensure proper current control.
Especially at high dc link voltages and low speed operation, the current gradients are
very steep. To keep the current within the hysteresis band the resolution needs to be
in the range of 0.2 to 0.4 electrical degree. In single pulse operation one could think of
reduced resolution since the current controller is inactive. In fact, the results of single
pulse simulations with a resolution of one electrical degree give reasonable results with
respect to current waveform and torque. However, a closer investigation shows that the
calculated copper losses change if the simulation resolution θel.res. is varied. By iteratively
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Figure 4.21: Offset peroids for different operating speeds
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right: high speed ⇒ single pulse ⇒ θoffset=-360°
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increasing the resolution it was found that 0.2 electrical degree is a reasonable value. A
higher resolution requires additional simulation time but has little effect on the simulation
accuracy.
The standard length of a simulation is one electrical period related to phase one. For
proper post processing of the simulation data, it has to be ensured that the evaluated
data represents exactly one electrical period without any transient oscillation. Thus, the
simulation needs to start with a preceding current build-up time which needs to be long
enough to reach steady-state condition. The length of this period is set with the simulation
offset angle θoffset. Figure 4.21 illustrates the offset period for different operating speeds.
At low speed, the currents reach the hysteresis band within a shorter offset period. In
single pulse operation, the current waveform depends strongly on the turn-on angle θon.
Generally, the offset has to be chosen large enough to ensure steady state condition at the
end of the offset period.
In order to reduce simulation time it has been investigated to apply initial phase currents
in order to decrease the required offset angle θoffset. The currents can be initialized by
using the current sources (cp. Figure 4.12) at the beginning of the simulation. In principle,
the method works but still it has been discarded due to the following two reasons. Firstly
the exact initial current values are not known prior to the simulation and thus can only
be estimated. Secondly, the current sources need to apply extremely high voltage pulses
in order to force the currents to step up. These voltage peaks cause numeric noise in the
search coil circuit and thus falsify the flux calculation which is done by discrete integration
of the search coil voltages (cp. equation 4.2).
4.2.2 Consideration of End-Effects
As discussed in section 2.2.3, the end-effects of switched reluctance machines are not
negligible, especially for machines with short stack length. Two-dimensional finite ele-
ment simulations underestimate the unaligned phase inductance Lph since end-winding
inductance LEnd and axial fringing are not considered. As a result, torque is generally
overestimated. To include the end-effects into the finite element model, the phase flux
linkage Ψph is separated into one part belonging to the two-dimensional simulation domain
(Ψ2d) and one part belonging to the three-dimensional end-effects (Ψ∆3d2d). The left part
of Figure 4.22 shows the equivalent circuit of one machine phase representing the general
machine equation (4.13).
vph(t) = Rph · i(t) +
(
Lph(i, θ) + i(t)
∂Lph(i, θ)
∂i
)
di
dt
+ i(t) · ∂Lph(i, θ)
∂θ
· dθ
dt
(4.13)
The separation of resistance Rph, inductance Lph and back-emf eph (cp. (4.14) to (4.17))
then leads to the equivalent circuit on the right hand side of Figure 4.22. The circuit
shows that not only the resistance REnd and the end-effect inductance L∆3d2d but also the
induced end-effect voltage e∆3d2d needs to be modeled in dynamic simulations.
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Figure 4.22: End-effect quantities in equivalent circuit of a SRM
Rph = RFEM2d +REnd (4.14)
Ψph = Ψ2d + Ψ∆3d2d (4.15)
Lph = LFEM2d + L∆3d2d (4.16)
eph = e2d + e∆3d2d (4.17)
At each simulation time step the actual values of L∆3d2d and e∆3d2d have to be deter-
mined and passed to the electric circuit of the finite element model (cp. Figure 4.12). If
L∆3d2d(i, θ) is known, the value of e∆3d2d can be calculated with (4.18).
e∆3d2d(t) = i(t) · ∂L∆3d2d(i, θ)
∂θ
·Ω(t) (4.18)
In the following, the determination of the two required end-effect parameters REnd and
L∆3d2d(i, θ) is discussed.
End winding resistance
The total phase resistance Rph consists of the resistance RFEM2d which is covered by the
simulation domain, the coil end resistance RCoilEnd and the resistance of the wiring inside
the machine Rwiring. For the simulation RCoilEnd and Rwiring are combined in the parameter
REnd as shown in (4.19).
Rph = RFEM2d +RCoilEnd +Rwiring︸ ︷︷ ︸
= RFEM2d + REnd (4.19)
If the investigated machine design has already been realized, the total phase dc resistance
Rph can be measured. In this case, the end-effect resistance REnd can be determined very
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Figure 4.23: Coil dimensions
accurately by calculating RFEM2d with (4.20).
RFEM2d = ρ
lstack
Scond
2Nt, coil
2 p
N2path
(4.20)
However, in most cases Rph is not known during the design process and thus the end-effect
resistance REnd has to be calculated. By introducing a value for the mean length of one
coil head lend the resistance RCoilEnd can be calculated with (4.21).
RCoilEnd = ρ
lend
Scond
2Nt, coil
2 p
N2path
(4.21)
Figure 4.23 shows the geometry parameters of a stator pole with coil. Assuming a round
coil head these parameters can be used to calculate lend:
lend = (lbend + lstraight − lstack)
= ((pi
wcoil + wpole
2
) + (lcoil − wcoil − wpole
2
) − lstack) (4.22)
For small machines with high turn numbers, the wiring resistance Rwiring is negligible. But
in case of machines with large diameter, short stack length and few windings the wiring
resistance should be included in the calculation of REnd. The resistance of the wiring
inside the machine depends on the connection scheme of the coils and on the material
used for the wiring. Thus, it is not possible to find a general formula for Rwiring. Still,
(4.23) gives a good approximation.
Rwiring ≈ ρ 2 piR2
Scond
1
Npath
(4.23)
The formula is based on the assumption that the wiring is made with the same material
and the same cross-section like the coils themselves. In case of parallel coils it is assumed
that all coils including their wiring have the same copper length.
End-effect inductance
In the proposed modeling method all physical effects contributing to the end-effect flux
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Figure 4.24: End-effect inductance L∆3d2d(i, θ) of a pancake type machine
Ψ∆3d2d are modeled with an end-effect inductance L∆3d2d(i, θ). The value of this induc-
tance can be either calculated or determined by measurements if the machine is available.
Since the published calculation methods [Mic94], [Mil04a], [Mat02] are based on approxi-
mations it is not possible to calculate L∆3d2d(i, θ) exactly. To illustrate the characteristic
of the end-effect inductance, the value of L∆3d2d(i, θ) was determined by subtracting a
statically calculated flux-linkage characteristic Ψstat, sim, 2d from a dynamically measured
characteristic Ψtran,meas, 3d (cp. section 6).
L∆3d2d(i, θ) =
Ψtran,meas, 3d(i, θ)− Ψstat, sim, 2d(i, θ)
i
(4.24)
Figure 4.24 shows the characteristic of L∆3d2d(i, θ) for a pancake type machine. For small
currents (4.24) results in unreasonable large values for L∆3d2d. Hence, the inductance is
not plotted for small currents. The figure shows that the inductance L∆3d2d(i, θ) depends
strongly on rotor position but only little on current. Neglecting the parameter current,
L∆3d2d can be modeled as function of rotor position without losing much accuracy. In the
simplest case, L∆3d2d can be modeled as a linear function of rotor position according to
(4.25).
L∆3d2d(θ) =

L∆3d2d, unal + (L∆3d2d, al − L∆3d2d, unal) · θ
180◦
if 0◦ ≤ θ ≤ 180◦
L∆3d2d, unal + (L∆3d2d, al − L∆3d2d, unal) · (360
◦−θ)
180◦
if 180◦ ≤ θ ≤ 360◦
(4.25)
The required parameters L∆3d2d, unal and L∆3d2d, al can either be determined by measure-
ment, by 3d finite element simulations or they have to be estimated using approximations
like PC-SRD does.
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4.2.3 Solving with FLUX-to-Simulink Technology
Figure 4.25 presents the structure of the implemented Simulink model with integrated
FLUX2D coupling. The data exchange between the different blocks is realized with
vectors and thus the model can handle machines with any number of phases. However,
several parameters have to be defined and initialized prior to the simulation process.
SimPara.rpm
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R_end
L_end
e_end
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Figure 4.25: Direct coupling of MATLAB and FLUX
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Input Quantities Output Quantities
Mechanics speed torque
angle
Voltages dc-link voltages dc-link voltages
IGBT breakthrough voltages winding voltages
diode breakthrough voltages end-effect inductance voltages
end-effect voltages search-coil voltages
Currents - dc-link currents
phase currents
strand currents
Resistances IGBT high-side resistances -
IGBT low-side resistances
end-effect resistances
Inductances end-effect inductances -
Table 4.1: Input and output quantities of FLUX2D coupling block
Calculation of Simulation Parameters
Based on machine geometry and user-defined input parameters all required simulation
parameters are calculated in the MATLAB environment and stored in a structure called
SimPara. The simulation step time, the stop time and the mechanic offset angle are
examples of the calculated parameters. The data exchange interface between FLUX2D
and Simulink is realized with two vectors, one for the FLUX2D input data and one for
the output data. Corresponding name vectors define which quantities are exchanged with
these data vectors. The dimensions of the data vectors depend on the number of machine
phases. In order to obtain an automated simulation environment the name vectors are
generated automatically and passed to the FLUX2D coupling block. The input vector
needs to include all quantities that are required to control the machine. To close the
control loop of the hysteresis controller, it would suffice that the output vector includes
the phase currents. However, for later post-processing of the simulation results numerous
mechanic and electric quantities are added to the output vector (cp. Table 4.1).
Simulink/FLUX Model
Figure 4.25 shows the structure of the implemented Simulink block including the coupling
with FLUX2D. The Simulink solver is configured to use the same fixed step time as the
FLUX2D coupling. Thus, the actual electric angle of all phases can be calculated based on
the simulation clock, the simulation parameters and the machine geometry. The electric
phase angles are then used to calculate the conduction periods. Finally, the switching
signals are generated by the combination of conduction period and hysteresis controller
output. The merge block gathers all data and generates the FLUX2D input vector. At
each time step FLUX2D calculates the magnetic vector potential ~A for all nodes of the
simulation domain by solving the following equation [CED05d]:
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curl
(
ν0 [νr] curl ( ~A)− ~Hc
)
+ [σ]
(
∂ ~A
∂t
+ gradϕ
)
= 0 (4.26)
with :
~A vector potential (in Wb/m = Tm)
[νr] tensor of relative magnetic reluctivity of the medium (1/µ0) (in Am/Vs = m/H)
ν0 reluctivity of vacuum (1/µ0) (in Am/Vs = m/H)
~Hc coercive field (permanent magnets) (in A/m)
[σ] tensor of conductivity of the medium (in 1/Ωm)
ϕ electric scalar potential (in V)
In case of two-dimensional simulations, the vector potential ~A has only a z-component
Az(x, y) which is stored for each time step in a separate result file. With the help of
the FLUX2D post processor all relevant field quantities can be derived from the vector
potential which allows to perform detailed analysis of the simulated problem once the
simulation is finished. However, during the simulation FLUX2D computes all the quan-
tities defined for the output vector and returns them to the Simulink model where they
are stored continuously. To close the control loop, the phase currents are extracted out
of the output vector and fed back to the hysteresis controller. For monitoring purpose
additional quantities like torque and phase voltages are displayed on a scope during the
simulation process.
Data processing and storage
At the end of the simulation a MATLAB routine processes the generated data. After the
integration of the search coil voltages USC, the data of the offset period is deleted. The
remaining data represents exactly one electrical period of steady state operation. All data
including finite element results, simulation parameters and machine geometry are stored
in a result structure and copied to a result folder. All further calculation and evaluation
steps are applied to this result structure. Figure 4.26 presents an example of available
simulation results.
Computation Time
The models of the different OKOFEH machine versions have a total number of nodes in
the range of 30,000 to 36,000. Depending on the chosen resolution θel.res., a Pentium4
processor with clock rate of 3GHz can solve between three and five simulation steps per
minute. For example the solving process for one electrical period of the OKOFEH machine
version V1 (35,751 nodes) takes 14 hours, if θel.res.=0.2° and θoffset=-160°.
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Figure 4.26: Simulated torque, voltages and currents
(OKOFEH V2 nominal operating point at 3500 rpm)
4.3 Post Processing
Figure 4.27 illustrates the power flow through the electrical drive and lists all loss sources.
The finite element simulation covers both the conduction losses of the converter PνCond
and the copper losses of the machine windings PνCuAC. All other losses are calculated
off-line subsequent to the simulation. In the following sections the equations for power,
loss and efficiency calculation are derived.
4.3.1 Machine Power
Equations (4.27) to (4.32) allow the calculation of all power values starting with the dc
input power Pdc and ending with the output power at the shaft Pshaft.
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Pdc = Pdc, FEM2d + PνSwitch (4.27)
Pdc, FEM2d =
Nph∑
j=1
[
(vDCj · i dcj)
]
(4.28)
Pconv =
Nph∑
j=1
[
(vphj · iphj)
]
(4.29)
Pmech, FEM2d = Pmech, airgap + Pmech, END
= Tmech, airgap ·Ω +
Nph∑
j=1
[
([vL ∆3d2dj + e∆3d2dj] · iphj)
]
(4.30)
Pmech = Pmech, FEM2d − PνFe (4.31)
Pshaft = Pmech − PνFric (4.32)
The power Pmech, END converted in the end-effect inductance L∆3d2d and in the voltage
source e∆3d2d is a mechanic power which contributes to the mechanic machine power.
Since the inductance L∆3d2d decreases toward aligned position, the value of Pmech, END is
negative in motoring mode. As expected, Pmech, END decreases the mechanic power. Still,
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Figure 4.27: Power-flow chart
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Pmech, END is only one part of the end-effect influence. Especially in single pulse operation,
the voltage drop across L∆3d2d and e∆3d2d causes lower phase currents and consequently
reduced output power.
4.3.2 Converter Losses
The converter losses are the difference between converter input and output power. They
are divided into conduction losses PνCond and switching losses PνSwitch.
PνConv = Pdc − Pconv = PνCond + PνSwitch (4.33)
Conduction losses
The conduction losses of semiconductors are calculated by the product of the device
current and the corresponding voltage drop across the device. For IGBTs and diodes the
conduction losses are given by
PνCond, IGBT = IC · VCE(IC, VGE, Tj) (4.34)
and
PνCond,Diode = IF · VF(IF, Tj) . (4.35)
where IC is the collector current, IF the diode forward current, VCE the collector-emitter
voltage drop, VGE the gate-emitter voltage drop, VF the diode forward voltage and Tj the
junction temperature.
The value of the voltage drop VCE depends on current IC, on the applied gate-emitter
voltage VGE and on the junction temperature Tj. Figure 4.28 shows a typical characteristic
of the collector-emitter voltage VCE of an IGBT. The characteristic curves for Tj=25°
and Tj=125°C have been extracted from the manufacturers data sheet. To model the
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Figure 4.28: Approximation of collector-emitter voltage for determination of conduction losses
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conduction losses within the finite element circuit the voltage drop over the implemented
switch has to follow the VCE characteristic. In the circuit each switch is modeled with
a resistance in series with a voltage source (cp. Figure 4.12). The conduction losses can
be either concentrated on the voltage source or distributed on both voltage source and
resistance. In the first case, the resistance is used as an ideal switch and the collector-
emitter voltage as a function of the current VCE(I) is applied to the voltage source at
each simulation step. This way the non-linear VCE characteristic can be modeled very
precisely. However, the VCE characteristic has to be approximated by a function or stored
in a look-up table prior to the simulation. In the second case, the VCE characteristic
is approximated with a straight line as shown in the figure. Two static parameters are
enough to characterize this linear VCE approximation. These parameters are the idealized
threshold voltage VCE0 and the on-state resistance Ron, IGBT defining the gradient of the
curve. Except for very low currents, the linear curve in the figure is a good approximation
for VCE at a junction temperature of about 100 °C. The linear approximation method has
been chosen as default method for the modeling of the conduction losses, since reasonable
parameters can be found even without having an exact data sheet of the device. The
parameters VF0 and Ron, diode for the freewheeling diodes are determined analogously to
the IGBT parameters.
The mean value of the conduction losses converted during one electrical period can be
calculated with following equation:
PνCond = Pdc, FEM2d − Pconv
=
N Ph∑
j=1
[
(vDCj · idcj)
]
−
N Ph∑
j=1
[
(v Phj · i Phj)
]
(4.36)
Switching losses
The switching losses PνSwitch are calculated by multiplying the electric frequency fel with
the sum of all switching energies of one electrical period [Nic00].
PνSwitch = fel ·
∑
Eν Switch
=
n
60
Nr ·
(∑
EνIGBT on +
∑
EνIGBT off +
∑
EνDiode off
)
(4.37)
According to (4.38), the switching energy of each switching event is a function of current,
temperature and operating voltages:
EνSwitch =
∫ t1
t0
I C(t) · U CE(t) dt
= f (U CE, I C, T j, UGE) (4.38)
Figure 4.29 shows typical switching energies of an IGBT and a diode. The dotted lines
are polynomial approximations of the data sheet characteristics. The corresponding poly-
nomial coefficients are stored with all other model data and allow an analytic calculation
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Figure 4.29: Approximation of dissipated switching energy
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of the switching energy as function of current. For the calculation of the switching losses
all switching events are determined by analyzing the characteristics of the phase voltages.
Then, the energy for all switching events is calculated and multiplied with fel.
4.3.3 Copper Losses
The copper losses PνCuAC include both the dc losses PνCuDC and the eddy current losses
PνCuEddy. The latter cover all losses occurring due to eddy currents in the windings. The
mean value of the total copper losses PνCuAC converted during one electrical period is the
difference of converter output power Pconv and mechanic power Pmech, FEM2d:
PνCuAC = Pconv − Pmech, FEM2d (4.39)
The total dc losses are calculated by multiplying the squared RMS phase currents with
the phase resistance Rph:
PνCuDC =
Nph∑
j=1
[
I2phj ·Rph
]
. (4.40)
According to (4.19) these dc losses divide into the dc losses in the 2d simulation domain
PνCuDC, FEM2d =
Nph∑
j=1
[
I2phj ·RFEM2d
]
(4.41)
and the dc losses in the end turns
PνCuDC, END =
Nph∑
j=1
[
I2phj ·REnd
]
. (4.42)
The eddy current losses can be separated by subtracting the dc losses from the total losses:
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PνCuEddy = PνCuAC − PνCuDC (4.43)
In order to classify the amount of eddy current losses of different machine designs the loss
factor kνCuACDC is introduced. It describes the factor by which the total copper losses
increase due to the additional eddy current losses. The factor kνCuACDC, FEM2d describes
the loss increase within the depth of the simulation domain,
kνCuACDC, FEM2d =
PνCuAC, FEM2d
PνCuDC, FEM2d
=
(PνCuDC, FEM2d + PνCuEddy)
PνCuDC, FEM2d
(4.44)
whereas kνCuACDC describes the loss increase within the entire machine including the end
windings:
kνCuACDC =
PνCuAC
PνCuDC
=
(PνCuDC + PνCuEddy)
PνCuDC
(4.45)
The value of kνCuACDC is always lower then the value of kνCuACDC, FEM2d since in the end
windings only dc losses are considered. The smaller kνCuACDC is, the less eddy current
losses occur in the particular operating point. Although kνCuACDC is a measure for the
eddy current losses, the calculations performed so far contain no information about the
distribution of the losses inside the conductors in terms of time and space. Thus, an
evaluation of the winding design requires a more detailed analysis of the copper losses.
According to (4.46), the copper losses of a certain volume are determined by the volume
integral of the squared current density times the resistivity.
PνCuAC(V, t) =
∫∫∫
V
ρ J2(x, y, z, t) dV (4.46)
Since the performed simulations are two-dimensional, all calculated quantities are constant
in z-direction. Thus, the volume integral can be substituted by an area integral times the
depth of the simulation domain l:
PνCuAC(V, t) = l
∫∫
S
ρ J2(x, y, t) dS (4.47)
To solve (4.47) the current densities of all nodes inside the regarded surface have to be
determined. Equation (4.48) gives the general relation between the vector potential ~A
and the current density ~J .
∆ ~A = −µ ~J (4.48)
Since the vector potential ~A is constant in z-direction, the application of the Laplace
operator is simplified to:
∂2Az
∂x2
+
∂2Az
∂y2
= −µ Jz (4.49)
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Isovalues Results
Quantity : Equi flux Weber
Time (s.) : 950.729999E-6 Pos (deg): 22.033
Line / Value
4 / -2.63265E-3
5 / -2.5102E-3
6 / -2.38776E-3
7 / -2.26531E-3
8 / -2.14286E-3
9 / -2.02041E-3
10 / -1.89796E-3
11 / -1.77551E-3
12 / -1.65306E-3
13 / -1.53061E-3
14 / -1.40816E-3
15 / -1.28571E-3
16 / -1.16327E-3
17 / -1.04082E-3
18 / -918.36735E-6
19 / -795.9184E-6
20 / -673.46939E-6
21 / -551.02044E-6
22 / -428.57142E-6
23 / -306.12244E-6
24 / -183.67347E-6
25 / -61.22449E-6
26 / 61.22449E-6
27 / 183.67347E-6
28 / 306.12244E-6
29 / 428.57142E-6
30 / 551.02044E-6
31 / 673.46939E-6
32 / 795.9184E-6
33 / 918.36735E-6
34 / 1.04082E-3
35 / 1.16327E-3
36 / 1.28571E-3
37 / 1.40816E-3
38 / 1.53061E-3
39 / 1.65306E-3
40 / 1.77551E-3
41 / 1.89796E-3
42 / 2.02041E-3
43 / 2.14286E-3
44 / 2.26531E-3
45 / 2.38776E-3
46 / 2.5102E-3
47 / 2.63265E-3
Color Shade Results
Quantity : Current density A/(square mm)
Time (s.) : 950.729999E-6 Pos (deg): 22.033
Scale / Color
-250 / -221.875
-221.875 / -193.75
-193.75 / -165.625
-165.625 / -137.5
-137.5 / -109.375
-109.375 / -81.25
-81.25 / -53.1 5
-53.125 / -25
-25 / 3.125
3.125 / 31.25
31.25 / 59.375
59.375 / 87.5
87.5 / 115.625
115.625 / 143.75
143.75 / 171.875
171.875 / 200
Figure 4.30: Current density plot at θel. = 40 °
(OKOFEH V2 nominal operating point at 3500 rpm)
Figure 4.30 presents a typical current-density plot calculated with the FLUX2D post
processor for one point in time. Although each turn of one coil carries the same total
current I
I =
∫∫
Scond
J dScond (4.50)
the current-density distribution and consequently the losses of the different turns vary
extremely. In the example, local current densities of more than 200 A/mm2 are observed.
This value is about 20 times higher than the dc current density JDC which is given by:
JDC =
I
Scond
(4.51)
To visualize the copper loss characteristic of an entire electrical period, the losses can
be calculated for all time steps using the post processor which solves (4.47). Since the
post processor (Version 9.3) has no scripting functionality, the loss calculations have to be
selected and started manually. This makes it very time consuming to calculate the losses
of numerous winding turns separately. However, with the help of the windows macro tool
[Win06] an automated loss calculation procedure was programmed. By remote-controlling
the FLUX2D post processor, the macro tool calculates any number of region losses and
stores them in text files. After importing this data into the MATLAB result structure,
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Figure 4.31: Ac copper losses in positive and negative coil side in comparison to dc losses of
OKOFEH V2 (3500 rpm, 154Nm)
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Figure 4.32: Ac copper losses in different turns of negative coil side of OKOFEH V2
(3500 rpm, 154Nm)
the losses can be evaluated and plotted along with all other simulation results. A detailed
explanation of the indices used to name the calculated losses is given in appendix A.2.
In Figure 4.31 the losses of the positive coil side pνCxP(θ) and of the negative coil side
pνCxN(θ) are plotted. Additionally, the dc losses of one half coil are plotted in order to
illustrate the dominance of the eddy current losses. The phase currents of all phases
have been added for better understanding of the loss curves. In Figure 4.32, the loss
distribution within the negative coil side is investigated. The figure shows the losses of
the first four winding turns pνC1N(θ) - pνC4N(θ) located next to the stator pole.
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Although a detailed discussion of the results follows in section 5, some observations are
stated already here.
• eddy-current losses can reach a multiple of the dc losses
• highest eddy-current losses occur during initial magnetizing
• the coil side with the incoming rotor pole has the higher losses
• excitation of adjacent phases contributes to the losses
• losses increase toward air gap
4.3.4 Iron Losses
Known calculation methods
The calculation of iron losses in ferrites and laminations are based on empiric formulas
which have their origin in the equations proposed by Steinmetz in 1890 [Ste84]. Mean-
while, several extensions of the Steinmetz equation have been proposed. The publication of
Li et al. gives a comprehensive overview of the different proposed equations and describes
their limitations [Li01]. In the following, the main equations are briefly summarized.
p νFe, SE = k f
α Bˆβ (4.52)
Equation (4.52) is commonly cited as Steinmetz equation. It is defined only for sinusoidal
frequencies f and calculates the time-average power loss per unit volume. The three
parameters k, α and β are called Steinmetz parameters and can be found in the manu-
facturers data sheets. If the parameters are not given as values, they have to be extracted
out of the loss characteristic curves which requires at least two loss curves for different
frequencies. Figure 4.33 shows the loss characteristic of the material SURANO20 [Surah].
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Figure 4.33: Determination of Steinmetz parameters
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With the chosen values for k, α and β the analytic curves of (4.52) and the data sheet
curves match well. The parameters can be found by applying the least squares method or
by manual tuning. Especially if the data sheet curves have to be extrapolated to higher
induction values the better results are achieved with the manual tuning procedure.
In 1997 Brockmeyer published the modified Steinmetz equation (MSE) which introduces
an equivalent frequency feq to consider non-sinusoidal flux excitation [Bro97].
p νFe,MSE = k f
α−1
eq Bˆ
β fr (4.53)
feq =
2
(Bmax −Bmin)2 pi2
∫ T
0
(
dB
dt
)2
dt (4.54)
If the investigated magnetization loop contains sub-loops, Brockmeyer recommends to cal-
culate the losses separately for all of these sub-loops. The summation of all sub-loop losses
then gives the total losses. Experimental verification showed that the calculations with
the MSE achieve high accuracy. In contrast the measurements proved that the Fourier
analysis method is not adequate to calculate the iron losses for non-sinusoidal excitation
[Mat92]. In [Rei97] the MSE has been applied to calculate the iron losses of switched re-
luctance machines. The magnetization curves of the different core parts are approximated
by piecewise linear waveforms and then separated into their sub-loops. After determining
the equivalent frequencies feq of all sub-loop, the total losses are calculated by repeated
use of the MSE.
The MSE provides a good fit to experimental loss measurements with non-sinusoidal
flux excitation. Still, Li et al. showed that the MSE behaves not consistently with the
standard Steinmetz equation [Li01]. To avoid the anomalies of the MSE they introduced
the generalized Steinmetz equation (GSE) of following form:
p νFe,GSE =
1
T
∫ T
0
k1
∣∣∣∣dBdt
∣∣∣∣α |B(t)|α−β dt (4.55)
with
k1 =
k
(2pi)α−1
∫ 2pi
0
|cos(θ)|α |sin(θ)|β−α dθ (4.56)
The GSE is consistent with the standard Steinmetz equation and has the benefit that it
includes dc-bias sensitivity without the need for additional parameters. In [Li01] extensive
examinations and comparisons of both MSE and GSE were carried out. Although both
methods have their limitations, in most cases the GSE performs better.
In 2002 Venkatachalam et al. introduced the improved generalized Steinmetz equation
called iGSE [Ven02]. Unlike to the GSE the iGSE is not based on the instantaneous induc-
tion B(t) but on the peak-to-peak induction ∆B of major and minor loops. Accordingly,
the notation of the iGSE is given by
p νFe, iGSE =
1
T
∫ T
0
ki
∣∣∣∣dBdt
∣∣∣∣α (∆B)α−β dt (4.57)
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with
ki =
k
(2pi)α−1
∫ 2pi
0
|cos(θ)|α 2β−α dθ (4.58)
Detailed comparisons of MSE, GSE, iGSE and measurements show that the iGSE corrects
the deviations of the GSE and turns out to be the most accurate method to calculate iron
losses at non-sinusoidal excitation. For an automated use of the iGSE, Sullivan et al.
developed an algorithm that is capable of splitting an arbitrary waveform in a major loop
and one or more minor loops. Gratefully, a MATLAB program including both the loop
separation algorithm and the loss calculation with the iGSE is available for free on the
web page of the Thayer School of Engineering, Dartmouth College [iGS02].
Implementation
The procedure for the simulation of switched reluctance machines developed in this work
uses the iGSE to determine the iron losses. Based on specified Steinmetz parameters the
above mentioned MATLAB program calculates the loss density for an arbitrary induction
waveform using the iGSE algorithm.
p νFe, iGSE = f(B(t), k, α, β) (4.59)
Figure 4.34 shows typical waveforms of the spatial averaged induction in the different core
parts of a switched reluctance machine. The curves are calculated with the help of flux
search coils and geometry data as described in section 4.1.3. The periodicity of the stator
induction corresponds to the electrical excitation frequency. In contrast, the induction
cycles in the rotor have a lower frequency. In the presented example, one cycle of the rotor
induction lasts six electrical periods. Although only one electrical period is simulated, the
entire induction cycle can be computed by utilizing symmetry and boundary conditions.
To calculate the total iron losses, the loss densities of all core parts are determined by
feeding one cycle of each flux waveform into the calculation program. Multiplying all loss
densities with their corresponding core volumes results in the total iron losses:
PνFe =
∑
p νFe, iGSE · V
=
VSP
Nph
·
Nph∑
j=1
p νFe, SPj +
VSY
Nph
·
Nph∑
j=1
p νFe, SYj
+
VRP
Nr
Ns
Nph
·
Nr
Ns
Nph∑
j=1
p νFe, RPj +
VRY
Nr
Ns
Nph
·
Nr
Ns
Nph∑
j=1
p νFe, RYj (4.60)
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Figure 4.34: Induction in different core sections
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S RY1
S RP1
S SY1
S SP1
Figure 4.35: Cross sections of one stator yoke (SY1), one stator pole (SP1), one rotor yoke
(RY1) and one rotor pole (RP1)
Figure 4.35 shows the cross sections of the different core parts. The corresponding core
volumes are calculated by multiplication with the stack length and the number of stator
poles and rotor poles respectively:
VSP = S SP1 ·Ns · lstack (4.61)
VSY = S SY1 ·Ns · lstack (4.62)
VRP = S RP1 ·Nr · lstack (4.63)
VRY = S RY1 ·Nr · lstack (4.64)
The calculation of the required cross sections is quite complex. A set of detailed equations
can be found in appendix B.2.
4.3.5 Friction Losses
The friction losses include both losses due to bearing friction and air turbulence. The
bearing friction depends strongly on the bearing type, on the used lubricant and on the
working temperature. The air friction occurs due to complex air flow inside the machine
and cannot be calculated with reasonable effort. Thus, the friction loss calculation has
been excluded from the simulations. However, for comparison of test stand measurements
and simulation results the friction losses have to be determined. On the test bench it is
possible to measure the friction losses by measuring the shaft torque while spinning the
test machine with a connected load machine. The result is the friction loss as a function
of speed and temperature.
PνFric = f(n, T ) (4.65)
Subtracting the friction losses from the simulated mechanic power results in the simulated
shaft power which then can be directly compared with test stand measurements.
Pshaft = Pmech − PνFric (4.66)
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4.3.6 Efficiency
Once all power values listed in the power chart (Figure 4.27) are determined, the efficien-
cies can be calculated. The overall drive efficiency is defined by the fraction of output
power and input power
ηdrive =
Pshaft
Pdc
(4.67)
and can be split up into converter efficiency
ηconv =
Pconv
Pdc
(4.68)
and machine efficiency
ηma =
Pshaft
Pconv
. (4.69)
4.4 Evaluation of the FEM Model
To evaluate the quality of the simulation model, the simulation results are compared with
test bench measurements. As shown in this chapter, the simulation model follows several
calculation steps including both analytical and finite element calculations. Consequently,
the model outputs several intermediate results like ohmic dc losses, ac losses and iron
losses. On the test bench it is almost impossible to separate these quantities by mea-
surements and thus the comparison of simulation and measurements is limited to the
measurable quantities Pdc, Pconv, Pshaft and the corresponding efficiencies ηconv, ηma and
ηdrive. The accuracy of the simulation results depends both on the quality of the model
itself and on the accuracy of the numerous model parameters. Parameter inaccuracy
should be avoided as far as possible for an objective evaluation of the simulation model.
Hence, the model parameters were determined as accurate as possible by measurement.
In particular, the following steps were taken:
• magnetization characteristic of laminations were tuned based on measured flux link-
age characteristics (cp. section 4.1.6)
• end-effect inductance L∆3d2d was determined by comparison of FEM calculated and
measured flux linkage characteristics (cp. section 4.2.2)
• dc coil resistance Rph was measured along with the coil temperature to allow correct
determination of REnd
• copper temperature in the simulation model was chosen to match the temperature
measured during teststand operation
The model is verified for two different types of switched relcutance machines. The first
machine is the OKOFEH machine in which different winding configurations are compared
within one machine geometry. The second machine is a pancake type machine with
short stack length compared to its diameter. In this machine, the end-effects have major
influence on machine performance and thus it can be used to verify the implemented
end-effect modeling method.
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4.4.1 Simulation versus Measurement for OKOFEH Machines V1 and V2
For the two investigated winding versions V1 and V2 the test bench measurements show
significant different machine efficiencies (cp. chapter 2). It is expected that eddy current
losses in the conductors are the reason for the differing amount of machine losses. In
Table 2.5 the eddy current losses PνCuEddy were estimated by subtracting PνFric, PνCuDC
and PνFe from the measured machine losses PνMach. Now, the new developed simulation
model allows direct calculation of all different machine losses including eddy current losses.
Table 4.2 presents the comparison of measurements and simulations for the two OKOFEH
machine versions V1 and V2 in nominal operation. In chapter 6 it is shown that the current
displacement in both machine versions has major influence on the phase inductance and
consequently the inductance L∆3d2d has different values for both versions. For better
Measurement FEM-Simulation PC-SRD
Version 1 Version 2 Version 1 Version 2 Version 1/2
TCu ≈ 100 °C ≈ 100 °C 100 °C 100 °C 100 °C
Pconv 60.83 kW 62.29 kW 63.81 kW 63.78 kW 57.73 kW
Pmech, airgap 59.17 kW 57.59 kW
Pmech, END 0.00 kW 0.00 kW
Pmech, FEM2d 59.17 kW 57.59 kW
Pmech 58.24 kW 56.63 kW
Pshaft 55.05 kW 55.12 kW 57.95 kW 56.34 kW 55.16 kW
Tmech, airgap 161.4Nm 157.1Nm
Tmech, END 0.0Nm 0.0Nm
Tmech, FEM2d 161.4Nm 157.1Nm
Tmech 158.9Nm 154.5Nm
Tshaft 150.2Nm 150.4Nm 158.10Nm 153.7Nm 150.5Nm
PνCuDC, END 745W 690W
PνCuDC, FEM2d 873W 859W
PνCuDC 1618W 1549W 1354W
PνCuEddy 3024W 4647W 0W
PνCuAC 4643W 6196W 1354W
kνCuACDC, FEM2d 4.46 6.41 1.00
kνCuACDC 2.87 4.00 1.00
PνFe 928W 957W 925W
PνFric 293W 293W 293W
PνMach 5779W 7163W 5864W 7446W 2572W
ηma 90.50% 88.50% 90.81% 88.33% 95.55%
Table 4.2: Measurement versus simulation for OKOFEH Version 1 and Version 2.
Measurements: n=3500 rpm, M=150Nm
Simulations: n=3500 rpm, θon=5 °, θoff=125 °, Imin=360A, Imax=400A
no consideration of dynamic end-effects (L∆3d2d=0) in FEM
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comparability of the different winding geometries, all simulations of the nominal point
are deliberately performed with an identical set of parameters and the end-effects are
not considered (L∆3d2d=0). Since the different winding geometries cause unequal eddy-
current losses, the input and output power of the simulations differ as well. According
to the efficiency maps in section 2.4.1, the machine efficiency changes only little in the
region of the nominal operating point. Thus, a comparison of the calculated efficiencies
is reasonable, although the resulting operation points are somewhat different. In fact,
the simulated machine efficiencies ηma match very well with the measured values which
confirms the quality of the implemented simulation model. The last column of the table
contains the simulation results of PC-SRD including end-effects. The comparison with the
PC-SRD results shows the relevance of considering eddy-current losses. Since PC-SRD
does not consider eddy-current losses the predicted efficiency for both machine versions is
not only equal but also far too high. The calculated loss factors kνCuACDC of 2.96 for V1
and 4.0 for V2 are very high and they underline that both winding configurations cause
a tremendous amount of additional copper losses. In section 5 other possible winding
configurations are investigated with the goal to increase machine efficiency by reducing
the total copper losses PνCuAC.
4.4.2 Simulation versus Measurement of a Pancake Type Machine
A pancake type machine is used to verify the implemented end-effect modeling method.
The investigated machine has a short stack length compared to its stator diameter. The
value of the length-to-diameter ratio is 0.2 which implies that end-effects have major
influence on the machine performance. Figure 4.36 shows the real winding geometry as
well as the generated simulation domain of this machine. In the finite element simulation,
the round conductors could be modeled as polygons with numerous edges. However, this
method requires an unreasonable high mesh density and consequently long computation
time. Thus, the round conductors are modeled as rectangular conductors with equal cross
sectional area (cp. chapter 3.2.4).
The machine was measured and simulated for three operating points at different revolution
Figure 4.36: Investigation of a pancake type machine with high turn number
left: real winding geometry right: meshed simulation domain
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speeds (100Nm at 1000 rpm; 50Nm at 2500 rpm; 25Nm at 6000 rpm). Tables 4.3 to
4.5 present the results of both measurements and finite element simulations. For each
operation point two simulations were performed, one with and one without end-effect
consideration. Below each table, the measured and simulated phase currents are plotted
in Figures 4.37 to 4.39. Evaluating the results the following is observed:
With end-effect consideration
• the simulated shaft torque matches well with the measured value
(maximum deviation equals 2.8 %)
• influence of end-effects increases with machine speed
• machine efficiency is predicted with a maximum deviation of 1 %
• converter efficiency is predicted with a maximum deviation of 0.36 %
• measured and simulated phase currents in single pulse operation match very well
Without end-effect consideration
• in single pulse operation the simulated phase currents increase
• the simulated shaft torque is higher than the measured value
(at 6000 rpm the end-effects change the simulated torque by 16.2 %)
The results confirm that the implemented method for end-effect consideration works well.
As expected from theory, the end-effects have little effect in low speed operation in which
the current is actively controlled. In single pulse operation though, the current only
depends on the characteristic of the phase inductance. Figure 4.39 illustrates how the
simulated phase current increases if end-effects are neglected.
Regarding the calculated machine efficiencies it turns out that the predictions are not as
accurate as observed for the OKOFEH machine (cp. Table 4.2). The deviations probably
originate in the above presented simplification of the real winding geometry (cp. Ta-
ble 4.36). Another reason might be the iron loss calculation which is based on Steinmetz
parameters extracted from data sheets. For high frequencies the data sheets provide little
information an thus the extrapolated parameters might be inaccurate.
The factor kνCuACDC indicates how far the investigated machine is affected by wind-
ing eddy currents. At 1000 rpm the skin depth of the fundamental of the electric fre-
quency is 3.4 times larger than the wire diameter and eddy currents are almost negligible
(kνCuACDC=1.06). At 2500 rpm the skin depth is 2.1 times larger than the wire diameter
and the additional eddy current losses are still considerably low (kνCuACDC=1.10). At
6000 rpm though, eddy currents become a major loss source. The ratio of skin depth to
diameter is 1.4 and the additional eddy current losses increase to almost 100 % of the dc
losses (kνCuACDC=1.98).
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Pancake Type Machine
n=1001 rpm, θon=12 °, θoff=157 °, Imin=103A, Imax=117A
incl. end-effects excl. end-effects diff.
measured simulated diff. simulated diff.
Pdc 12.22 kW 12.31 kW 0.8% 12.73 kW 4.2%
Pconv 11.68 kW 11.81 kW 1.2% 12.22 kW 4.6%
Pmech, airgap 11.41 kW 11.44 kW
Pmech, END -0.36 kW 0.00 kW
Pmech, FEM2d 11.05 kW 11.44 kW
Pmech 10.62 kW 11.00 kW
Pshaft 10.55 kW 10.59 kW 0.4% 10.97 kW 4.0%
Tmech, airgap 108.9Nm 109.1Nm
Tmech, END -3.4Nm 0.0Nm
Tmech, FEM2d 105.4Nm 109.1Nm
Tmech 101.3Nm 105.0Nm
Tshaft 100.7Nm 101.0Nm 0.3% 104.7Nm 3.9% 3.6%
PνSwitch 90W 98W
PνCond 409W 412W
PνConv 539W 499W -7.3% 511W -5.2%
PνCuDC, END 304W 308W
PνCuDC, FEM2d 417W 422W
PνCuEddy 44W 51W
PνCuAC 764W 781W
kνCuACDC, FEM2d 1.10 1.12
kνCuACDC 1.06 1.07
PνFe 430W 434W
PνFric 31W 31W
PνMach 1128W 1226W 8.7% 1246W 10.5%
ηconv 95.59% 95.94% 0.35% 95.99% 0.40%
ηma 90.34% 89.63% -0.71% 89.80% -0.54%
ηdrive 86.36% 85.99% -0.37% 86.20% -0.16%
Table 4.3: Measurement and simulation of a pancake type machine at 1000 rpm
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Figure 4.37: Measured and simulated phase current of the operation point of Table 4.3
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Pancake Type Machine
n=2500 rpm, θon=-4 °, θoff=131 °
incl. end-effects excl. end-effects diff.
measured simulated diff. simulated diff.
Pdc 14.24 kW 13.95 kW -2.0% 15.56 kW 9.3%
Pconv 14.01 kW 13.73 kW -2.0% 15.32 kW 9.3%
Pmech, airgap 13.73 kW 14.99 kW
Pmech, END -0.28 kW 0.00 kW
Pmech, FEM2d 13.45 kW 14.99 kW
Pmech 12.73 kW 14.27 kW
Pshaft 13.00 kW 12.66 kW -2.6% 14.19 kW 9.2%
Tmech, airgap 52.4Nm 57.3Nm
Tmech, END -1.1Nm 0.0Nm
Tmech, FEM2d 51.4Nm 57.3Nm
Tmech 48.6Nm 54.5Nm
Tshaft 49.6Nm 48.3Nm -2.6% 54.2Nm 9.2% 12.1%
PνSwitch 9W 9W
PνCond 216W 234W
PνConv 229W 225W -1.7% 243W 6.3%
PνCuDC, END 97W 113W
PνCuDC, FEM2d 157W 181W
PνCuEddy 28W 35W
PνCuAC 282W 329W
kνCuACDC, FEM2d 1.18 1.19
kνCuACDC 1.11 1.12
PνFe 712W 722W
PνFric 79W 79W
PνMach 1013W 1073W 5.9% 1129W 11.5%
ηconv 98.39% 98.39% 0.00% 98.44% 0.05%
ηma 92.77% 92.19% -0.58% 92.63% -0.14%
ηdrive 91.28% 90.70% -0.58% 91.18% -0.10%
Table 4.4: Measurement and simulation of a pancake type machine at 2500 rpm
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Figure 4.38: Measured and simulated phase current of the operation point of Table 4.4
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Pancake Type Machine
n=6002 rpm, θon=-76 °, θoff=105 °
incl. end-effects excl. end-effects diff.
measured simulated diff. simulated diff.
Pdc 17.97 kW 17.26 kW -4.0% 19.98 kW 11.2%
Pconv 17.71 kW 17.02 kW -3.9% 19.72 kW 11.3%
Pmech, airgap 16.97 kW 19.09 kW
Pmech, END -0.41 kW 0.00 kW
Pmech, FEM2d 16.55 kW 19.09 kW
Pmech 16.02 kW 18.54 kW
Pshaft 16.03 kW 15.58 kW -2.8% 18.10 kW 12.9%
Tmech, airgap 27.0Nm 30.4Nm
Tmech, END -0.7Nm 0.0Nm
Tmech, FEM2d 26.3Nm 30.4Nm
Tmech 25.5Nm 29.5Nm
Tshaft 25.5Nm 24.8Nm -2.8% 28.8Nm 13.0% 16.2%
PνSwitch 13W 13W
PνCond 225W 256W
PνConv 265W 238W -10.1% 269W 1.5%
PνCuDC, END 99W 126W
PνCuDC, FEM2d 135W 173W
PνCuEddy 230W 328W
PνCuAC 465W 627W
kνCuACDC, FEM2d 2.70 2.89
kνCuACDC 1.98 2.09
PνFe 536W 544W
PνFric 440W 440W
PνMach 1673W 1440W -13.9% 1611W -3.7%
ηconv 98.53% 98.62% 0.09% 98.65% 0.12%
ηma 90.55% 91.54% 0.99% 91.83% 1.28%
ηdrive 89.21% 90.27% 1.06% 90.59% 1.38%
Table 4.5: Measurement and simulation of a pancake type machine at 6000 rpm
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Figure 4.39: Measured and simulated phase current of the operation point of Table 4.5
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4.5 Conclusion
In this chapter, a new simulation process for detailed analysis of switched reluctance ma-
chines is derived. The simulations are based on two-dimensional finite element simulations
and cover all losses including winding eddy current losses. The developed procedure is
subdivided into modeling, solving and post processing.
In finite element simulations, a machine geometry can be simplified without affecting the
simulation results. However, regarding the windings, only individual modeling of all con-
ductors assures maximum accuracy of eddy current loss calculation. Based on several
test simulations with varying mesh densities, guidelines for proper meshing of these con-
ductor regions are given. If the mesh density is at least 3 to 4 nodes per skin depth δ,
current displacement is calculated accurately for typical phase currents of switched reluc-
tance machines. A universal electric circuit for both dynamic and static computations
is presented. The circuit offers the functionality of an asymmetrical half-bridge topology
but also allows to impress static currents by using current sources. The parameters of
the iron regions in finite element simulations are typically based on data sheet properties
of a lamination material. A material tuning method is proposed which allows to tune
data sheet properties based on measured flux linkage curves. With this method, both
inexact lamination properties and the influence of material machining are compensated
and simulation accuracy is maximized. For the entire modeling process an automation
tool with graphical user interface is developed that automatically generates a simulation
model based on user defined parameters. This automation tool is the key component that
allows to build complex model geometries within short periods of time.
For the solving process, the FLUX-to-Simulink technology is used. This allows simulta-
neous use of both complex control structures in MATLAB and the finite element solver
of FLUX. Furthermore, this structure supports the newly implemented end-effect model-
ing method which requires to adapt the end-effect inductance L∆3d2d as function of rotor
position.
The post processing includes the calculation of all different machine losses. Copper losses
in the windings and conduction losses in the converter are directly obtained from the
finite element simulation, whereas switching losses and iron losses are calculated during
post processing. Switching losses are determined by summing the switching energies of all
switching events. For iron loss calculation the improved generalized Steinmetz equation
is used. Taking into account all the calculated losses, the efficiency of both converter and
machine is calculated.
In the final section of this chapter the model is verified. Test stand measurements and
simulations of the OKOFEH machine match very well which confirms the accuracy of
the implemented model. In addition, a pancake type machine with short stack length is
investigated to verify the implemented end-effect modeling. It turns out that the measured
torque of different operating points can be simulated with a few percent deviation if the
end-effect modeling is used.
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5 Analysis and Optimization of Winding Designs
In this chapter the different winding versions of the OKOFEH machine are analyzed and
alternative winding designs with higher efficiency are proposed. For the optimization
process both the analytic equations derived in chapter 3 and the new finite element model
developed in chapter 4 are used. All calculations and simulations are performed for the
nominal operating point since measurements on the test bench have shown that the copper
temperatures at this point are higher than at all other points of the of the operating range.
5.1 Analysis of Winding Geometry V1
First, the winding geometry V1 is investigated. As introduced in chapter 2.3.2 this con-
figuration has six turns per coil and each turn is composed out of 11 strands with a height
of 2mm and a width of 1.5mm (cp. Figure 2.5). The strand conductors are insulated
with lacquer but they are electrically interconnected at the terminals.
5.1.1 Copper Losses as Function of Time
Figure 5.1 shows both the losses pνCxP of the positive coil side and pνCxN of the negative
coil side for one electrical period (indices explained in appendix A.2). At constant speed
the rotor position is proportional to time. The losses are plotted as function of rotor
position, because electrical degrees are more intuitive than a time scale. The highest
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Figure 5.1: Ac copper losses in positive and negative coil side in comparison to dc losses of
winding V1 (n=3500 rpm, Tshaft=158Nm, VDC=300V, θon=5 °, θoff=125 °,
Imin=360A, Imax=400A, kνCuACDC, FEM2d=4.46, ηma=90.81 %)
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Figure 5.2: Unequal distribution of the total coil current on the 11 parallel strands
(operating point of Figure 5.1)
losses occur during the magnetization period. In the period in which the current is kept
constant the losses decay and approach the curve of the dc losses, which defines the
smallest possible loss value. In the demagnetization period the plot shows a loss peak in
the negative coil side whereas the losses in the positive side decrease continuously. At
the instance the current disappears, there are still coil losses present. The losses decrease
very slowly and even do not disappear until the beginning of the next period when the
current starts to rise again. Hence, there are continuous eddy currents flowing in the coil,
although the impressed coil current is zero for almost half the period. Typically, eddy
currents are circulating inside of single conductors and thus can not be measured. In this
configuration here, the current displacement is not limited to single conductors but can
spread out throughout all strands. The individual strand currents can be different as long
as their sum is equal to the total coil current. Figure 5.2 illustrates this phenomenon. In
the magnetization and current-control period most of the coil current flows in the three
upper strands (9, 10, 11) located close to the air gap. In the demagnetization period the
current of strand 11 becomes even negative although the coil current is positive. The
distribution of the strand currents illustrates that the impressed coil current is displaced
toward the air gap and that additional eddy currents circulate through the strands. In
the next section the spatial loss distribution is investigated.
5.1.2 Spatial Loss Distribution
Figure 5.3 shows the spatial distribution of the current density for θel.=40°. At this point
in time the coil current icoil(40°) has a value of 400A. Without current displacement the
uniform current density in the coil would be 12 A/mm2. Instead, the maximum current
density is 134 A/mm2 in the positive coil side and even -216 A/mm2 in the negative coil
side. Since the plotted current density distribution is only a snap-shot, it provides no
information about the mean losses of one electrical period. Thus, the spatial distribution
of the mean loss density is plotted in Figure 5.4. In addition to the ac copper losses,
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Figure 5.3: Current density distribution J(x, y) in winding V1 at θel. = 40° with
icoil(40°)=400A. (n=3500 rpm, Tshaft=158Nm, cp. Figure 5.1)
Figure 5.4: Mean ac copper losses of winding V1. The bars show the spatial average
of the ac losses PνCuAC, FEM2d of each conductor. In addition, the dc losses
PνCuDC, FEM2d are marked with a surrounding line. (n=3500 rpm, Tshaft=158Nm,
kνCuACDC, FEM2d=4.46, ηma=90.81 %, cp. Figure 5.1)
the dc losses PνCuDC, FEM2d are marked with a transparent plane with surrounding line.
The dc loss density of 0.92W/cm3 corresponds to a dc current density JDC of 6.3 A/mm2.
The spatial averaged mean current density is 13.5 A/mm2. However, with an average power
density of 45.8W/cm3 and a current density of 45.9 A/mm2 the losses in strand number 11
of the negative coil side are far too high for conventional cooling methods.
The spatial loss distribution in the positive coil side has the same characteristic as the
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analytically calculated skin effect losses in section 3.2.1. The losses increase from the slot
bottom toward the air gap but they are almost constant in x direction (cp. Figure 3.9 for
coordinate system definition). In the negative coil side the time varying stray flux due
to rotor motion causes additional eddy current losses. The maximum of these additional
losses occurs in the conductors which are located closest to the air gap right next to the
stator pole. Thus, the losses in this region are not independent of the x position. However,
the overall loss distribution is similar to the analytically calculated skin effect losses in
a standard winding slot with parallel edges. This indicates that the analytic equations
might be applied to the given geometry although the constraint of a pure one-dimensional
field is not fulfilled.
5.1.3 Analytic Calculations
For analytic loss calculations according to chapter 3 several geometry parameters need to
be determined. In section 3.2.4 it is shown how a real winding geometry is transformed
into an equivalent geometry which then allows parameter extraction. For winding version
V1 these parameters have the following values. The number of winding layers is n=1,
the height of the layer is h=22mm and the layer width is w=9mm. The last missing
parameter is the slot width wslot. Since the pole edges in switched reluctance machines
are not parallel, the slot width is not constant but decreases with increasing y position.
It seams reasonable to calculate a mean value for wslot with (5.1) in which w1 and w2 are
the slot width at the upper and lower edge of the coil (cp. Figure 5.5). For winding V1
the resulting slot width is wslot=24.5mm.
wslot =
w1 + w2
2
(5.1)
Now the analytic loss calculation can be performed by applying the geometry parameters
and the Fourier coefficients of the coil current icoil to equation (3.78). Figure 5.6 shows
a comparison of simulated and analytically calculated losses of winding V1 for nominal
operation. First the results for winding V1 with h=22mm are examined. As expected, the
analytically calculated loss value is lower than the simulated values since the calculations
do not account for the additional losses close to the air gap. Furthermore, the calculations
do not include the influence of the currents in the adjacent phases which also contribute
w1
w2
wslot
Figure 5.5: Determination of the mean slot width wslot
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Figure 5.6: Comparison of simulated and calculated losses for winding V1 (cp. Figure 5.1)
and for modified winding version V1b (cp. Figure 5.7)
to the losses. With 100W, the calculated value is 5 % smaller than the losses of the
positive coil side PνCxP and 17 % smaller than the losses of the negative coil side PνCxN.
As reference, the minimal possible dc losses are added to the plot (PνCxDC=27W). In the
following, it is examined how far the winding version V1 can be optimized by reducing
the layer height h.
5.1.4 Optimization of Winding Geometry V1
Most of the current in winding V1 is displaced toward the air gap. The copper close to
the slot bottom seams to be useless. To examine how the losses in winding V1 depend
on the conductor height, the ac losses PνCuAC, analytic and the dc losses PνCuDC, analytic are
additionally plotted as function of h (Figure 5.6). The graph of PνCuAC, analytic illustrates
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Figure 5.7: Ac copper losses in positive and negative coil side in comparison to dc losses of
winding V1b (n=3500 rpm, Tshaft=146Nm, VDC=300V, θon=5 °, θoff=125 °,
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Figure 5.8: Mean ac copper losses of winding V1b. The bars show the spatial average
of the ac losses PνCuAC, FEM2d of each conductor. In addition, the dc losses
PνCuDC, FEM2d are marked with a surrounding line. (n=3500 rpm, Tshaft=146Nm,
kνCuACDC, FEM2d=1.78, ηma=91.49 %, cp. Figure 5.7)
that the losses cannot be reduced by decreasing h. It also shows that about half of the
copper could be removed without significantly increasing the losses. However, reducing
the layer height h has a second advantage besides saving copper. The additional losses due
to the rotor stray field decrease as the distance from air gap to copper increases. Hence,
a variant of winding V1 with reduced layer height is investigated. In the following, this
winding version with h=11mm in which the height of each strand conductor is reduced
to one millimeter is referred to as winding V1b. A finite element model for winding V1b
is built and solved with the identical set of control parameters as used for version V1.
Figure 5.7 shows the losses and the coil current of winding V1b as function of rotor
position. Although the control parameters are equal to those applied to winding V1,
the RMS value of the impressed phase current in V1b is about 6 % lower. Obviously,
the winding modification increases the phase inductance (cp. chapter 6) which causes a
slower current rise. Figures 5.7 and 5.8 show that the ac losses are not only reduced but
that in winding V1b the losses of both coil sides are equal. The machine efficiency ηma
rises from 90.81 % to 91.49 %. Coming back to Figure 5.6, the FEM results for V1b are
compared to the analytic calculations. Considering the reduced phase current and the
increased slot width of winding V1b, the losses for V1b are calculated to 92W. This value
matches the simulation results very well and shows that the analytic calculations provide
good results in particular if the distance of air gap and copper is large.
Although the efficiency of winding V1b increased compared to V1, the strong current
displacement toward the air gap remains. In consequence, there will be still a very high
hot spot temperature in the upper part of the winding which is a major drawback of this
configuration. In the next section the performance of winding version V2 is investigated.
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5.2 Analysis of Winding Geometry V2
Winding configuration V2 has 24 turns per coil and all four coils of one phase are connected
in parallel (cp. Figure 2.6). The coil has one strand which is made of a rectangular
conductor with a height of 5.5mm and a width of 1.5mm.
5.2.1 Copper Losses as Function of Time
Figure 5.9 shows the losses of winding V2 as function of rotor angle. Compared to winding
V1 the deviation of pνCxP and pνCxN is much more distinct. Furthermore, the losses in V2
decay much faster during the freewheeling periods than they do in winding V1. Although
the losses reach higher maximum values, they almost drop to the level of the dc losses by
the end of the current control period. Another difference is that the stray fields of the
adjacent phases cause higher losses in winding V2 than in V1. The switching events of
phase two are well noticeable in the graph of the negative coil side losses. Obviously, the
eddy currents in winding V2 have a higher dynamic. This can be explained by different
inductance values of the eddy current paths. In winding V2 the spreading of the eddy
currents is limited to the conductor height of 5.5mm which is one fourth of the layer height
in winding V1. Consequently, the area spanned by the eddy current paths is smaller in
winding V2 than in V1. Since the inductance is proportional to the spanned area, the
inductance of the eddy current paths in winding V2 is smaller which explains the higher
dynamics compared to wining V1.
5.2.2 Spatial Loss Distribution
Figure 5.10 shows the spatial distribution of the current density for θel.=46°. Like in the
current density plot of V1, this point in time marks the end of the magnetization period at
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Figure 5.9: Ac copper losses in positive and negative coil side in comparison to dc losses of
winding V2 (n=3500 rpm, Tshaft=154Nm, VDC=300V, θon=5 °, θoff=125 °,
Imin=360A, Imax=400A, kνCuACDC, FEM2d=6.41, ηma=88.33 %)
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Figure 5.10: Current density distribution J(x, y) in winding V2 at θel. = 46° with
icoil(46°)=400A. (n=3500 rpm, Tshaft=154Nm, cp. Figure 5.9)
Figure 5.11: Mean ac copper losses of winding V2. The bars show the spatial average
of the ac losses PνCuAC, FEM2d of each conductor. In addition, the dc losses
PνCuDC, FEM2d are marked with a surrounding line. (n=3500 rpm, Tshaft=154Nm,
kνCuACDC, FEM2d=6.41, ηma=88.33 %, cp. Figure 5.9)
which the phase current iph(46°) reaches 400A. The characteristic of the current density
in the positive coil side is similar to the results of the proximity effect example calculated
in section 3.2.2. Throughout the first winding layer located at the slot bottom, the current
density is positive but increases toward the upper edge of the conductor. In the upper
three layers, the current density is both positive and negative which is a result of the
proximity effect (cp. Figure 3.18). Figure 5.11 shows the mean loss density of winding
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V2. The plot accentuates the additional losses in the negative coil side close to the air
gap. With 21.6 A/mm2 the spatial averaged mean current density in winding V2 is much
higher than in V1. The maximum power density of 36.9W/cm3 in the conductor located
closest to the air gap corresponds to a current density of 39.7 A/mm2.
5.2.3 Analytic Calculations
According to section 3.2.4 the parameters for analytic loss calculations for winding V2
have following values. The number of winding layers is n=4, the height of each layer is
h=5.5mm and the layer width is w=9mm. The mean slot width wslot is 24.5mm and
equals the value calculated for winding V1.
Figure 5.12 presents the analytic loss calculation for winding V2. First, the results for
winding V2 with h=5.5mm are examined. Again, the analytically calculated loss value is
less than the simulated values. With 115W the calculated value is 15 % smaller than the
losses of the positive coil side PνCxP and 39 % smaller than the losses of the negative coil
side PνCxN. The latter deviation is very high and underlines that the analytic calculation
method underestimates the losses if the complete slot height is filled with copper.
5.2.4 Optimization of Winding Geometry V2
Unlike to winding V1, the graph of the losses PνCuAC, analytic of V2 in Figure 5.12 has a
minimum. According to the analytic calculations, the losses can be reduced by 38 % if
the conductor height is reduced to h=2.75mm. Additionally, it can be expected that the
losses in the negative coil side approach the value of the losses in the positive coil side. To
verify this winding optimization, a model with the configuration of winding V2 but with
a reduced conductor height of h=2.75mm is solved. Figure 5.13 shows the losses for this
modified version V2b as function of rotor position. The losses are significantly reduced and
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Figure 5.12: Comparison of simulated and calculated losses for winding V2 (cp. Figure 5.9)
and for modified winding version V2b (cp. Figure 5.13)
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Figure 5.13: Ac copper losses in positive and negative coil side in comparison to dc losses of
winding V2b (n=3500 rpm, Tshaft=145Nm, VDC=300V, θon=5 °, θoff=125 °,
Imin=360A, Imax=400A, kνCuACDC, FEM2d=1.45, ηma=92.25 %)
Figure 5.14: Mean ac copper losses of winding V2b . The bars show the spatial average
of the ac losses PνCuAC, FEM2d of each conductor. In addition, the dc losses
PνCuDC, FEM2d are marked with a surrounding line. (n=3500 rpm, Tshaft=145Nm,
kνCuACDC, FEM2d=1.45, ηma=92.25 %, cp. Figure 5.13)
the machine efficiency increases to ηma=92.25 %. Besides the higher efficiency, winding
V2b has a major advantage compared to winding V1b. The spatial loss distribution
presented in Figure 5.14 is much more uniform which is a benefit regarding hot spot
temperature reduction.
5.3 Alternative Winding Configurations
In the following it is investigated if the machine efficiency can still be increased by further
modifications of the winding design. A combination of both analytic calculations and
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the experience gained from the previous examinations is the basis for further winding
optimization. Two additional winding configurations are presented. They are labeled as
winding V4 and V5 since the name V3 is already assigned to the litz wire winding (cp.
Figure 2.7).
5.3.1 Winding V4
An optimal winding design combines both a high copper fill factor and a geometry which
causes low eddy current losses. In winding V2b the eddy current losses were strongly
reduced but meanwhile the fill factor was halved which doubles the value of the minimal
possible dc losses. To achieve both a high fill factor and low eddy current losses, the
winding layer height h needs to be reduced without reducing the total amount of copper.
This implicates that the number of winding layers n needs to be increased. Without
changing the turn number Nt, ph, the maximum number of layers is n=24 with each layer
representing one coil turn. Without changing the fill factor, the conductors need to have
a width of 9mm and a height of 22 mm
24
=0.92mm which can be realized with preformed
windings. In this configuration V4, the conductor dimensions are equal to the layer
dimensions (w=9mm, h=0.92mm). Figure 5.15 shows the analytic loss calculation for
winding V4. The layer height of h=0.92mm, which cannot be increased due to the space
limitation of the slot, is close to the theoretical optimal layer height of 1.1mm. From
the results of the analytic calculation, winding configuration V4 seems to be the optimal
choice. However, experience shows, that large copper areas close to the air gap cause high
additional losses. To determine the efficiency of winding V4, a model is built and solved
for the same parameter set as used for the other winding versions. In Figure 5.16, the
losses of winding V4 are plotted as function of rotor position. The results show a major
difference between the losses of the two coil sides. Compared to all other configurations
the losses in the positive coil side are significantly reduced but in the negative coil side
the losses are higher than in winding V2b. To illustrate the reason for these high losses,
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Figure 5.16: Ac copper losses in positive and negative coil side in comparison to dc losses of
winding V4 (n=3500 rpm, Tshaft=153Nm, VDC=300V, θon=5 °, θoff=125 °,
Imin=360A, Imax=400A, kνCuACDC, FEM2d=2.92, ηma=92.75 %)
Figure 5.17 presents the spatial distribution of the current density for θel.=134°. At this
point in time the upper layers in the negative coil side are penetrated with a time varying
flux which enters the conductors in radial direction. Due to the large conductor width of
9mm, high eddy currents can circulate inside these layers as it can be seen in Figure 5.17.
Figure 5.18 shows the resulting average power density of winding V4. Although the losses
in the upper layers of the negative coil side are very high, the efficiency of ηma=92.75 %
is higher than in all other so far examined configurations. However, due to the unequal
spatial loss distribution, winding V4 causes high local hot spot temperatures and thus is
not advantageous compared to winding V2b.
Figure 5.17: Current density distribution J(x, y) in winding V4 at θel. = 134° with
icoil(134°)=194A. (n=3500 rpm, Tshaft=153Nm, cp. Figure 5.16)
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Figure 5.18: Mean ac copper losses of winding V4. The bars show the spatial average
of the ac losses PνCuAC, FEM2d of each conductor. In addition, the dc losses
PνCuDC, FEM2d are marked with a surrounding line. (n=3500 rpm, Tshaft=153Nm,
kνCuACDC, FEM2d=2.92, ηma=92.75 %, cp. Figure 5.16)
5.3.2 Winding V5
The plotted losses in windings V2 and V4 (Figures 5.11 and 5.18) show that additional
losses occur if conductors with a large surface are placed near the air gap. Since the stray
flux, which is responsible for these losses, leaves the rotor pole in radial direction and
then bends by 90° to enter the stator pole from the side, it is irrelevant if the large edge
of a conductor is placed vertically as in V2 or horizontally as in V4. In both cases the
large surface of the conductor is penetrated by the stray flux. Consequently, either the
conductor dimensions have to be reduced or the region close to the air gap has to be kept
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Figure 5.20: Ac copper losses in positive and negative coil side in comparison to dc losses of
winding V5 (n=3500 rpm, Tshaft=149Nm, VDC=300V, θon=5 °, θoff=125 °,
Imin=360A, Imax=400A, kνCuACDC, FEM2d=1.63, ηma=93.56 %)
free of copper to avoid these additional losses. A significant reduction of the conductor
dimensions is not possible without increasing the turn number Nt, ph. Thus, for a further
winding optimization the total coil height needs to be reduced. In a design with 24 layers,
a reduction of the coil height implies very thin conductors which are difficult to process.
Hence, another winding configuration is investigated. According to Table 2.3, the phase
turn number Nt, ph=24 can also be achieved with 12 turns per coil if Npath=2. Such a
configuration has two parallel connected legs which each consist of two coils in series
connection. Figure 5.19 shows the analytic loss calculation for this configuration with 12
winding layers. The optimal layer height is 1.6mm but with a total coil height of 19.2mm
(12·1.6mm) the upper winding layers are again located very close to the air gap. Hence,
the layer height is reduced to 1.38mm which causes marginal loss increase but reduces the
total coil height to 75 % of the height of winding V4. For this new winding version V5, a
model is built and solved. In Figure 5.20 the losses of winding V5 are plotted as function
of rotor position. The losses in both coil sides are almost equal and the efficiency again
increased compared to winding V4. With ηma=93.56 % the simulated efficiency in the
nominal operating point is even slightly higher than the efficiency measured for the litz
wire configuration (cp. Table 2.5). Furthermore, the spatial loss distribution presented in
Figure 5.21 is comparatively uniform. The influence of the rotor stray flux on the negative
coil side is almost negligible. Regarding efficiency and loss distribution winding version
V5 seams to be the optimal configuration. Compared to the costly braided litz wire, the
material costs for winding geometry V5 are much lower. Moreover, winding V5 requires
only 91 % of the copper used in the litz wire winding which additionally saves weight and
costs.
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Figure 5.21: Mean ac copper losses of winding V4. The bars show the spatial average
of the ac losses PνCuAC, FEM2d of each conductor. In addition, the dc losses
PνCuDC, FEM2d are marked with a surrounding line. (n=3500 rpm, Tshaft=149Nm,
kνCuACDC, FEM2d=1.63, ηma=93.56 %, cp. Figure 5.20)
5.4 Loss Reduction by Optimized Control Strategy
In the preceding sections, the machine efficiency was increased by optimizing the winding
design. Only by changing the winding geometry, the efficiency in the nominal operating
point is increased from ηma=88.33 % in version V2 to ηma=93.56 % in version V5. In
this section, the potential of further loss reduction by optimizing the control strategy is
investigated. As known from chapter 3, eddy current losses are a consequence of induced
voltages. According to the induction law these voltages increase with frequency. Hence,
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Figure 5.22: Phase currents and frequency spectra for different dc-link voltages
(winding V2, n=3500 rpm, Imin=360A, Imax=400A)
VDC=300V: Tshaft=154Nm, θon= 5 °, θoff=125 °, Iph=206A
VDC=200V: Tshaft=153Nm, θon=-5 °, θoff=140 °, Iph=212A
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Figure 5.23: Ac copper losses in positive and negative coil side in comparison to dc losses of
winding V2 operated at a reduced dc-link voltage
(n=3500 rpm, Tshaft=153Nm, VDC=200V, θon=-5 °, θoff=140 °,
Imin=360A, Imax=400A, kνCuACDC, FEM2d=4.58, ηma=90.03 %)
reducing the frequency also reduces the induced voltages and the losses. For a given
machine speed the frequencies of the fundamental oscillation and of the harmonics of the
phase current are determinated. Still, the amplitudes of the spectral components depend
on the shape of the current. By reducing the phase voltage, the slew rate of the current
can be reduced, which changes the spectral composition. A reduction of the phase voltage
requires either a variable dc-link voltage or a PWM based control system which becomes
more and more common for switched reluctance drives. Figure 5.22 shows the time signals
and the spectra of two different phase currents which both produce the same torque with
winding V2. The first current is equal to the current in Figure 5.9 (VDC=300V). The
second current is the result of a simulation with a reduced dc-link voltage of 200V. To
reach the same shaft torque as with the original current, the turn-on and turn-off angles
are adapted adequately. The spectra show that the voltage reduction significantly reduces
the amplitudes of the second and the fifth harmonic. The third and the fourth harmonic
and the dc component increase. Figure 5.23 shows the losses of winding V2 for operation
with reduced voltage. Compared to Figure 5.9 the losses are significantly lower which
leads to an efficiency increase from 88.33 % to 90.03 %. The reduced current slew rate
also has positive influence on the iron losses. In this example, the iron losses decrease
from 957W to 870W.
Out of the examined winding versions, winding V2 causes the highest eddy current losses.
Hence, the voltage reduction has the highest influence in winding V2. To examine the
potential of voltage reduction in optimally designed windings, the same test is performed
with winding V5. Figure 5.24 shows the losses of winding V5 for operation with reduced
voltage. Again, the losses are reduced, but the efficiency only increases slightly from
93.56 % to 93.77 %. However, the results show that a reduction of the current slew rates
generally reduces the eddy current losses. Besides other criteria like torque ripple and
noise, this correlation should be considered in the design process of the control strategy.
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Figure 5.24: Ac copper losses in positive and negative coil side in comparison to dc losses of
winding V5 operated at a reduced dc-link voltage
(n=3500 rpm, Tshaft=149Nm, VDC=200V, θon=-10 °, θoff=140 °,
Imin=360A, Imax=400A, kνCuACDC, FEM2d=1.40, ηma=93.77 %)
5.5 Conclusion
In this chapter different winding configurations for the OKOFEH machine are analyzed
and optimized with respect to efficiency. It is shown that the efficiency of the original
winding versions V1 and V2 can be increased just by reducing the height of the conductors
which reduces the fill factor and even saves copper. Besides the efficiency, the spatial
distribution of the losses is investigated for several different winding designs. It turns out
that in winding V1 the spatial loss distribution is most non-uniform which in consequence
causes very high hot spot temperatures. For all the winding designs, the results of the finite
element simulations are compared to the results of analytic loss calculations which are
performed with the equations derived in chapter 3. The parameter wslot which is required
for the analytic calculations is approximated by calculating a mean slot width depending
on the individual winding geometry. It turns out that the analytically calculated loss
values underestimate the real losses, especially if the winding slot is entirely filled with
copper. The more space is kept free of copper near to the air gap, the better FEM
simulations and analytic calculations match. The performed winding optimizations show
that analytic equations can be used to calculate the optimal layer heights for different
winding configurations. However, these analytic calculations do not account for additional
losses occurring due to the stray flux caused by rotor motion and they do not include the
influence of the currents in the adjacent phases. Hence, the analytic equations help in the
design process but they do not completely eliminate the need for finite element simulations.
The highest efficiency of ηma=93.56 % is achieved with winding V5 which uses rectangular
conductors with a height of 1.38mm and a width of 9mm. This version has a very uniform
spatial loss distribution and even performs better than the much more costly winding
version V3 made of braided litz wire.
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Version ηma ηma, ana
1 ηma,DC
2 Tshaft Iph wslot n h
V1 90.81% 91.81% 95.33% 158.1Nm 207A 24.5mm 1 22.00mm
V1b 91.49% 91.27% 93.45% 146.6Nm 196A 26.5mm 1 11.00mm
V2 88.33% 90.93% 95.27% 153.7Nm 206A 24.5mm 4 5.50mm
V2b 92.24% 92.79% 93.39% 144.6Nm 194A 26.5mm 4 2.75mm
V4 92.75% 95.03% 95.28% 152.5Nm 203A 24.5mm 24 0.92mm
V5 93.56% 94.36% 94.67% 149.5Nm 198A 25.5mm 12 1.38mm
V2 3 90.03% 91.74% 94.96% 153.1Nm 212A 24.5mm 4 5.50mm
V5 4 93.77% 94.41% 94.55% 148.5Nm 204A 25.5mm 12 1.38mm
Table 5.1: Comparison of the different winding configurations (n=3500 rpm, VDC=300V
θon=5 °, θoff=125 °, Imin=360A, Imax=400A)
1 machine efficiency if ac copper losses are calculated analytically
2 machine efficiency if only dc copper losses are considered
3 reduced voltage of VDC=200V (θon= -5 °, θoff=140 °)
4 reduced voltage of VDC=200V (θon=-10 °, θoff=140 °)
In the last section of this chapter the influence of the control strategy on the copper losses
is investigated. Simulations with reduced dc-link voltage show that the efficiency can be
increased by reducing the phase voltage which changes the spectral composition of the
phase currents. For winding V2 the efficiency in the nominal operating point is increased
from 88.33 % to 90.03 % just by reducing the voltage and adapting the switching angles.
Table 5.1 summarizes the efficiencies determined for the different proposed winding con-
figurations and the operation with reduced voltage. Additionally to the machine efficiency
ηma, Table 5.1 also shows the efficiencies for the case that the ac copper losses are only
calculated analytically (ηma, ana) and for the case that only dc copper losses are considered
(ηma,DC).
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6 Influence of Current Displacement on Machine
Characteristics
This chapter examines the influence of winding eddy currents on the flux linkage charac-
teristics of switched reluctance machines. Flux linkage characteristics are used to describe
the behavior of individual machines for modeling as well as control purposes. Typically,
these characteristics are either obtained by static finite element calculations or by mea-
surements. With the example of the OKOFEH machine it is shown that these two charac-
terization methods do not inherently yield the same results. Indeed, a difference of more
than 10 % was observed. The transient processes occurring during flux linkage measure-
ments are analyzed with the finite element model developed in chapter 4. It is found that
current displacement causes a transient reduction of phase inductance and flux linkage.
At the end of the chapter it is investigated whether the results of static or transient flux
linkage determination should be preferred for look-up table based torque control.
6.1 Flux Linkage and Torque Characteristics
The behavior of a switched reluctance machine is described via four system variables, i.e.
current, flux linkage, rotor position and torque. Current and flux linkage represent the
electrical behavior, while rotor position and torque represent the mechanical behavior.
The relationships between these system variables are formulated using two fundamental
characteristics, i.e. flux linkage Ψ(i, θ) and torque T (i, θ). Both relationships are function
of current and rotor position. Figure 6.1 shows these characteristics for the OKOFEH
machine V1.
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Figure 6.1: Flux linkage Ψ(i, θ) and torque characteristic T (i, θ) of OKOFEH V1
(static 2dFEM computation)
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6.1.1 Look-Up Table Based Machine Modeling
A switched reluctance machine can be modeled by combining the general machine equa-
tion,
Ψ(t) =
∫
[vph(t)−R · iph(t)] dt (6.1)
with the flux linkage and torque characteristics Ψ(i, θ) and T (i, θ). Figure 6.2 illustrates
such a dynamic model for one machine phase with rotor position θph and phase voltage
vph as input variables and phase current iph and phase torque Tph as output. Neglecting
mutual coupling effects, the total machine torque is determined by superposition of all
phase torques. The accuracy of the model depends mainly on the quality of the fingerprint
characteristics Ψ(i, θ) and T (i, θ) which can be determined by analytical calculations,
finite element simulations or measurements. During the design and optimization process,
analytical calculations or finite element simulations are generally used to study the char-
acteristics and performance of new machines. For design verification and control purposes,
measurements are preferred since the measured data includes both end-effects and possible
machine imperfections caused by the manufacturing process. These effects are normally
neglected in two-dimensional finite element calculations. In literature, it is common to
verify the machine design based on measured characteristics [Rad95] [Des95] [Rah02].
Furthermore, table based machine models are used to determine the control parameters
for machine operation. For each operating point, optimal combinations of turn-on and
turn-off angle and phase current can be found by simulation [Ind03a]. Again, the quality
of the fingerprint characteristics is crucial for the accuracy of the calculated values.
6.1.2 Mismatch of Measurement and Simulation
The phase inductance Lph of switched reluctance machines is function of iron geometry,
saturation level and winding configuration. The geometry of the magnetic circuit changes
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Figure 6.2: Basic model of switched reluctance machines
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with rotor position and the saturation level is function of the phase current. In contrast,
the winding configuration is normally not changed during operation. Hence, the phase
inductance Lph is typically considered to be function of rotor position and phase current.
As presented in chapter 2.3.2 the outer winding dimensions and the fill factors of the two
OKOFEH winding configurations V1 and V2 are equal. Furthermore, the total number
of phase windings Nt, ph of both versions is equal as well. Consequently, it is assumed
that both machine versions have the same inductance characteristic. In fact, this is true if
uniform current density is assumed for the entire winding area. As expected, static FEM
simulations calculate the same phase inductance for both versions. Still, when measuring
the inductance of V1 and V2, their values deviate more than 15 %. At this point, the
question is, which data is correct, respectively which data should be used for machine
control algorithms. To answer this question, first the different flux linkage and torque
characterization methods are analyzed to identify the reason for the observed deviations.
Then, it is investigated how much the observed deviations influence the accuracy of model
based torque control.
6.2 Determination of Flux Linkage Characteristics
Regarding flux linkage determination, one has to carefully distinguish between static and
transient characterization methods. A computation of the static flux linkage can easily be
done using FEM simulations. However, an exact measurement of the static flux linkage
inside a machine is not possible in practice. Using special measuring probes like Hall-effect
sensors one can detect local flux densities but not the flux linkage. Hence, the flux linkage
is typically measured by integration of an applied voltage pulse. Applying a voltage pulse
is a transient process and thus in this work the integration method is not interpreted as
a static process even if the rotor is locked in a static position. This is different from other
approaches where measurements are called static as long as the rotor is not in motion
[Cai94].
6.2.1 Static Flux Linkage Simulation
To compute a static flux linkage characteristic Ψstat, sim, 2d by using two-dimensional finite
element simulations, the model needs to be solved for different phase currents at various
rotor positions between unaligned and aligned position. According to (6.2) the spatial
derivation of the vector potential ~A yields the flux density. Since the flux is the spatial
integration of flux density, the flux can be derived directly from the vector potential as
shown in (6.3). Figure 6.3 illustrates the flux determination for the eighth winding turn
of machine version V2. Typically, finite element post processors calculate a mean flux
value by considering the vector potential of all nodes located in the investigated region.
~B = curl( ~A) ⇒ ~Bx = ∂
~Az
∂y
, ~By = −∂
~Az
∂x
(6.2)
124 6 Influence of Current Displacement on Machine Characteristics
Az = 0
Az<0 Az>0
Φ1 Φ2
xy x8neg xAz=0 x8pos
Turn 8neg Turn 8pos
Figure 6.3: Static flux linkage computation
left: Static FEM computation for constant current and rotor position
right: Computation of flux linked to winding turn number eight
Φturn8 = lstack
∫ x8pos
x8neg
By(x) dx
= lstack
∫ xA=0
x8neg
By(x) dx+ lstack
∫ x8pos
xA=0
By(x) dx
= lstack Az(x8neg)− lstack Az(x8pos)
= Φ2 − Φ1 (6.3)
The total phase flux linkage Ψstat, sim, 2d is calculated by summing the flux contributions
of all winding turns and multiplying with the number of phase coils connected in series:
Ψstat, sim, 2d = Nserial · Ψcoil = Nserial ·
Nt, coil∑
turn=1
Φturn (6.4)
Figure 6.9 shows the resulting static flux linkage characteristic computed from 2dFEM
simulation for four different rotor positions. As expected, the curves for both machine
version V1 and V2 are equal.
6.2.2 Flux Linkage Measurements
Several techniques to determine flux linkage characteristics of SRMs are described in
literature. The most practical method to measure the flux linkage Ψtran,meas, 3d is to apply
a voltage pulse to a machine phase while the rotor is locked at a fixed position [Mil01]
[Che01] [Bau97] [Fue05a]. Typically, the machine phase is excited with a constant voltage
source, which can be realized by a rectifier with dc-link capacitor and an asymmetrical
half-bridge converter, as shown in Figure 6.4. The test set-up is universal and can be used
to measure switched reluctance machines of different power ranges. A limitation for large
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machines is the maximum available dc-link power and for small machines the resolution
of the current sensor.
The instantaneous flux linkage is indirectly determined via the voltage pulse and the re-
sulting current using the general machine equation (6.1). Due to iron losses and eddy
current losses in the windings, the resistance R is not constant during the excitation cycle
and its average value is higher than the ohmic phase resistance RDC. With Rvirt, a vir-
tual phase resistance is introduced which matches all losses occurring during a particular
measurement pulse [Ind03a] [Fue05a]. The physical boundary condition saying that the
flux linkage must disappear at the moment when the phase voltage becomes zero is used
to calculate Rvirt. Defining this point in time as tv0, (6.1) can be written as:
Ψtran,meas, 3d(tv0) = 0 =
∫ tv0
0
vph(t) dt−Rvirt ·
∫ tv0
0
iph(t) dt (6.5)
Solving (6.5) for the virtual phase resistance Rvirt yields:
Rvirt =
∫ tv0
0
vph(t) dt∫ tv0
0
iph(t) dt
with vph(tv0) = 0 (6.6)
Figures 6.5 and 6.6 show the voltage, current and indirectly determined flux linkage of
machines V1 and V2 (θ=60◦). The flux linkage is calculated with (6.1), setting R=Rvirt.
Figure 6.8 shows the flux linkage of machine V2 (θ = 60◦) plotted as function of phase
current. Since the flux linkage Ψtran,meas, 3d(ti0) is not zero (cp. Figure 6.7), the rising and
falling flux linkage curves do not match. To obtain a distinct relation between flux linkage
and current in Figure 6.8, the average of both curves is calculated. This averaging method
explains the sharp bends close to the origin, which often can be found in measured flux
linkage diagrams. Figure 6.10 shows the averaged flux linkage curves measured for both
machine version V1 and V2.
Locking assembly Position sensor Oscilloscope
Converter
Vdc
phase current iph
phase voltage vph
SRM
Figure 6.4: Hardware set-up for flux linkage measurement
126 6 Influence of Current Displacement on Machine Characteristics
Time in ms
C
u
rr
en
t
in
A
/
V
o
lt
a
g
e
in
V
vph
iph
F
lu
x
L
in
ka
g
e
in
m
V
s
Ψtran, meas, 3d
0 0.2 0.4 0.6 0.8 1
0
20
40
60
80
100
-400
-200
0
200
400
600
800
1000
Figure 6.5: Flux linkage measurement of machine V1 (θ=60◦)
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Figure 6.6: Flux linkage measurement of machine V2 (θ=60◦)
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Figure 6.7: Zoom of Figure 6.6
6.2.3 Comparison between Simulated and Measured Flux Linkage
The following observations can be made when analyzing the simulated (Figure 6.9) and
measured (Figure 6.10) flux linkage characteristics:
• good match of all curves in aligned position
• measured flux linkages of machines V1 and V2 are not equal (deviation increases
toward unaligned position)
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Figure 6.8: Flux linkage versus phase current of machine V2 (θ=60◦)
• in unaligned position the measured flux linkage of machine V1 is smaller than the
simulated flux linkage
The first observation is in accordance with the expected results. In the aligned position,
the end turn inductance and the fringing effect is almost negligible and thus the test
bench measurements and the two-dimensional finite element simulations have to match
well [Mic94] [Mat02]. Additionally, the data sheet properties of the laminations were
tuned based on the measured flux linkage Ψtran,meas, 3d(θ=180
◦, i) to avoid incorrect mate-
rial modeling (cp. section 4.1.6). However, the second observation is not expected. The
measurements yield different flux linkage values for the two windings, although the static
computations calculate equal values for both versions. Apparently, transient effects oc-
curring during the current pulse must have an effect on the measured flux linkage. The
third observation is the most noticeable. In theory it is expected that the 3d flux linkage
Ψtran,meas, 3d(θ=0
◦, i) should be larger than the 2d flux linkage Ψstat, sim, 2d(θ=0◦, i) since
the end-turn inductance and the fringing effect, which contribute to the phase inductance,
are not included in the 2dFEM simulations. However, the measurement results are just
the other way around, which implicates that the transient effects occurring during the
measurement reduce the flux linkage.
6.2.4 Transient Flux Linkage Simulation
To investigate the observed phenomena, the transient occurrences during the measurement
pulse (cp. Figure 6.5) are simulated with transient FEM calculations. The MATLAB/
Simulink control block of the developed finite element model (cp. section 4.25) is modified
to allow the simulation of single magnetization and demagnetization pulses. Analogously
to the flux linkage measurement method described above, a voltage pulse is applied to
the finite element model and the flux linkage is then calculated by post processing the
simulated voltage and current. This way, the transient occurrences including eddy current
effects inside the windings are simulated and can be visualized. Figure 6.13 shows the
flux distributions in unaligned position for t= t0 when the current pulse has a value of
400A. For comparison, Figure 6.12 presents the static flux distributions for a constant
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Figure 6.9: Flux linkage computed by static 2d-FEM simulation
Phase Current in A
F
lu
x
L
li
n
k
a
g
e
Ψ
t
r
a
n
,
m
e
a
s
,
3
d
in
V
s
0°
60°
120°
180°
Θ
Winding V1
Winding V2
0 100 200 300 400 500 600
0
0.02
0.04
0.06
0.08
0.1
0.12
Figure 6.10: Flux linkage measured on test stand
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Figure 6.11: Flux linkage computed by transient 2d-FEM simulation
current of 400A. Since the end-effects are not included in both the transient and the static
simulation they have no influence on the comparison. The observed differences of the flux
linkages in Figure 6.13 are caused by the transient current displacement. In machine
V1 the current is displaced across all parallel strands and flows almost completely in the
air gap region. In machine V2 the proximity effect causes high eddy currents inside the
turns. Still, since all turns are connected in series the turn current it cannot be completely
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Figure 6.12: Static 2dFEM flux linkage computation with constant current:
iph(t0)=400A, θ=0◦ (left: V1, right:V2)
Figure 6.13: Transient 2dFEM flux -linkage computation with current pulse:
iph(t0)=400A, θ=0◦ (left: V1, right:V2)
displaced toward the air gap but has to pass through each winding layer [Car03]. Figure
6.14 and 6.15 illustrate the current density distribution and the averaged location of the
turn current it(t0) for both machine versions. Obviously, the spatial location of the turn
current is different for static and transient computations. Exactly this effect changes
the inductance of the magnetic circuit. The closer to the air gap the current is flowing,
the less stray flux between stator pole and yoke occurs and the lower the inductance
becomes. To illustrate this correlation, Figure 6.16 shows the flux distribution caused by
a constant current located at two different locations within the slot. The inductance of
the two geometries varies by 43 %, which confirms that the resistance of the magnetic
circuit changes as the location of the exciting current varies. Consequently, the current
displacement is responsible for the different results of static and transient flux linkage
calculations.
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Figure 6.14: Spatial distribution of current density J and averaged location of turn current
it(t0) in machine V1 for both static and transient excitation.
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Figure 6.15: Spatial distribution of current density J and averaged location of turn current
it(t0) in machine V2 for both static and transient excitation.
Figure 6.16: Comparison of the flux linkage for two different locations of an equal excitation
current. The flux linkage in the left geometry is 43 % higher than in the right
geometry.
6.2 Determination of Flux Linkage Characteristics 131
The transient simulated flux linkage curves in Figure 6.11 have the same characteristic as
the measured curves in Figure 6.10 except that the simulated values in unaligned position
are slightly smaller. The reason for this are again the end-effects which are included in
the measurement but not included in the 2dFEM simulation.
In addition to the already presented results, the transient flux linkage simulation allows
further conclusions. When applying a measurement pulse to a switched reluctance ma-
chine, the measured quantities voltage and current do not contain information about the
spatial distribution of the current, and thus the results do not show how much transient
and static flux linkage differ. Still, the measurement provides information about transient
losses. With increasing eddy current losses, the virtual resistance Rvirt rises. Another
indication for eddy currents is the characteristic of the phase voltage during the period
between ti0 and tv0 (cp. Figure 6.7). Without eddy currents, the phase voltage and the
current would simultaneously become zero (ti0 = tv0). Figure 6.17 illustrates why the
voltage in machine V2 is non-zero by the time ti0 when the phase current disappears.
The eddy currents circulating inside the conductors cannot disappear abruptly but decay
exponentially. This causes a time varying flux which induces a voltage in the coil turns
located close to the yoke. Thus, the measured phase voltage remains non-zero until the
circulating eddy currents in the copper have completely disappeared.
Figure 6.17: Flux linkage of machine V2 at t = ti0 with iph(ti0) = 0
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6.3 Determination of Torque Characteristics
Analogously to the flux linkage determination, the torque characteristics can be calculated
by static (Tstat, sim, 2d) or by transient (Ttran, sim, 2d) finite element simulations. In contrast
to flux linkage measurements, the measurement of torque is typically a static process
(Tstat,meas, 3d). By adding a torque transducer between the SRM and the locking assembly,
the test set-up of Figure 6.4 can be used to measure the torque as function of current and
position. Since torque transducers require a settling time which is much longer than a
single magnetization pulse, it is not possible to measure the torque as function of current
by applying a current pulse. Instead, for each current level the current is controlled by
a hysteresis controller until the torque transducer is settled. Neglecting the ripple of the
hysteresis controller this means that the torque is measured in static conditions.
Figure 6.18 presents the different torque characteristics of the two OKOFEH machine
versions V1 and V2. As observed for the flux linkage, the statically computed torque
characteristics are equal for both machine versions. Up to a current of 300A the differ-
ence between static and transient computation is small. With further increasing current
though, the transient computations predict higher torque. The highest values are pre-
dicted for machine V1. The deviation between static and transient computations increases
as the current gets higher and the rotor approaches the aligned position. This implies,
that the torque deviation increases with saturation. When the stator pole saturates, the
stray flux increases and torque decreases since less flux reaches the rotor pole. The closer
to the air gap the current is flowing, the more flux will still reach the rotor. This explains
why machine V1 reaches the highest torque values (cp. Figure 6.14). In the next section
the influence of the different characteristic determination methods is investigated.
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Figure 6.18: Torque characteristics of machine versions V1 & V2 computed with both static
and transient simulations
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6.4 Impact on Model-Based Control
In applications with high demands on torque dynamics, SRMs are typically operated with
precalculated parameters [Rah02] [D’h06], [Ind02] or controlled with direct torque control
[Ind03a], [Fue05d], [Fue07]. Both methods have in common that the torque control is based
on the two machine characteristics Ψ(i, θ) and T (i, θ). The question now is whether static
or transient determination of machine characteristics should be used for the calculation of
control parameters or as base data for machine control models. To answer this question,
model based simulations (cp. Figure 6.2) with different combinations of static and tran-
sient machine characteristics are compared to a direct transient FEM simulation based
on the model developed in chapter 4. The FEM simulations are performed with a res-
olution θel.res. of 0.2
◦
el. which means that for one electrical period the whole FEM model
is solved 1800 times. Since the model includes transient effects like eddy currents in the
windings and mutual coupling between the phases, the results correspond better to the
real machine behavior than look-up table based simulations. Hence, the results of the di-
rect FEM simulation serve as reliable reference when comparing the static and transient
flux linkage characteristics. To concentrate on the difference between static and transient
characterization methods, the end-effects are intentionally excluded from the comparison.
Figure 6.19 shows the simulated torque and the phase currents for a low speed operating
point of machine V1. The direct FEM simulation is compared to three look-up table
based simulations using different combinations of static and transient flux linkage and
torque characteristics. Since the current is controlled in a hysteresis band, the influence
of the different flux linkage characteristics is low. Both the combination of Ψtran, sim, 2d
and Tstat, sim, 2d and the combination of Ψstat, sim, 2d and Tstat, sim, 2d predict torque values
little below the values of the direct FEM simulation. The combination of Ψstat, sim, 2d and
Tstat, sim, 2d though predicts higher torque. This is plausible because the characteristic
Tstat, sim, 2d assumes current displacement by a current pulse throughout the whole exci-
tation process. In reality though, the current displacement occurring during the current
rise decays while the current is controlled in the hysteresis band (cp. Figure 4.31).
The example in Figure 6.20 shows an operating point at higher speed, in which the machine
is operated in single pulse mode. The choice of static or transient torque characteristic has
no influence in this example since both characteristics are equal for the simulated current
of 200A. The average torque value calculated with Ψstat, sim, 2d is 15 % less than the result
of the direct FEM simulation. In comparison, the model based on Ψtran, sim, 2d yields a
torque value which is only 1.5 % less than the FEM result. At least for single pulse
operation, the characteristic Ψtran, sim, 2d is preferable for model based control of SRMs.
The reason is, that the transient reduction of the phase inductance allows the current to
rise faster than look-up table simulations based on Ψstat, sim, 2d predict. Figure 6.20 shows
that the current of the direct FEM simulation reaches even higher values than the current
predicted with the flux linkage table Ψtran, sim, 2d. Hence, when the machine is operated at
high speed, the phase inductance is even smaller than assumed in Ψtran, sim, 2d. Additional
current displacement due to rotor motion is responsible for this further reduction of the
phase inductance.
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Figure 6.19: Torque and phase current of machine V1 simulated for following parameters:
θon = 35◦, θoff = 135◦, Iref = 400 A, N=1000 upm
a) transient 2dFEM simulation ⇒ Tavg = 164, 1Nm
b) model based (Ψtran, sim, 2d, Tstat, sim, 2d) ⇒ Tavg = 163, 9Nm
c) model based (Ψtran, sim, 2d, Ttran, sim, 2d) ⇒ Tavg = 170, 3Nm
d) model based (Ψstat, sim, 2d, Tstat, sim, 2d) ⇒ Tavg = 161, 2Nm
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Figure 6.20: Torque and phase current of machine V1 simulated for following parameters:
θon = 0◦, θoff = 105◦, N=8000 upm
a) transient 2dFEM simulation ⇒ Tavg = 47, 0Nm
b) model based (Ψtran, sim, 2d, Tstat, sim, 2d) ⇒ Tavg = 46, 3Nm
c) model based (Ψtran, sim, 2d, Ttran, sim, 2d) ⇒ Tavg = 46, 3Nm
d) model based (Ψstat, sim, 2d, Tstat, sim, 2d) ⇒ Tavg = 39, 9Nm
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6.5 Conclusion
Depending on machine and winding design, the flux linkage characteristics calculated by
static or transient simulations can deviate considerably. Measurements and simulations
of an example machine show that the transient characteristics of two machine versions
can be different even if their static characteristics are equal. Transient FEM simulations
confirm the results of these measurements and give an explanation for the phenomenon.
The reason for the deviating results are current displacements inside the windings which
cause a reduction of the phase inductance. Static FEM calculations assume uniform cur-
rent density within the windings and thus neglect this phenomenon. Using such statically
calculated flux linkage characteristics in SRM models can cause significant errors regard-
ing current and torque prediction. Regarding the torque characteristics it is found that
transient calculations predict higher torque than static calculations do. Especially in low
speed operating points with long conduction periods the torque predicted with transient
characteristics is too high, since in reality the transient effects decay within the conduction
period. Thus, it is preferable to use static torque characteristics.
The deviation of static and transient machine characteristics depends on the amount of
winding eddy currents. For winding designs with negligible eddy currents both the static
and the transient determination method yield the same result. However, for machine de-
signs in which current displacement can not be neglected, look-up table based simulations
using a combination of transient flux linkage tables and static torque tables yield the
most accurate results. Hence, the transient measurement of flux linkage and the static
measurement of torque is generally the optimal data base for machine modeling.
Since current displacement increases the copper losses, skin and proximity effects in wind-
ings should be avoided as far as possible by design measures. Still, it is an interesting
result that current displacement reduces machine efficiency but meanwhile increases the
torque in single pulse operation because of a faster current rise during magnetization.
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7.1 Summary
To improve the design process of switched reluctance machines, this thesis analyzes wind-
ing eddy currents in detail and proposes a modeling method for precise prediction of
eddy current losses. For the design of switched reluctance machines, both simplified an-
alytic models and finite element simulations are available. Both methods account for the
non-linear machine behavior and thus are generally capable of predicting the machine
performance with good accuracy. However, measurements that have been conducted on
an example machine, have shown significant deviations between measured and simulated
machine performance. The measured nominal power is 40 % less than the power value
predicted by common design tools. The reason for this deviation is that common design
tools for switched reluctance machines do not account for losses that are caused by eddy
currents circulating inside the windings.
Eddy currents are caused by alternating magnetic fields in conductive materials. The
higher the frequency and the larger the conductor cross-section are, the larger these cur-
rents become. In many machine designs the cross section of the used winding wire is
small enough to neglect eddy currents, which justifies the common design tools. As the
wire dimensions increase, which is particularly the case in high power machines with few
winding turns, eddy currents gain importance and neglecting them can lead to significant
overestimation of machine performance.
Analytic design tools like PC-SRD do not include eddy currents, simply because no general
analytic equations for the calculation of eddy currents in windings of switched reluctance
machines exist. The well-known loss equations derived for slot geometries of standard
rotating field machines assume a pure one-dimensional stray field. Especially close to
the air gap, this constraint is not fulfilled in the slots of switched reluctance machines.
Thus, the equations could only be used to approximate the losses. But even for loss
approximation, the analytic equations have rarely been used in the past, probably because
the accuracy of such an approximation has never been investigated and a rule for the
determination of an equivalent slot width was missing.
Finite element simulations are, in principle, capable of calculating eddy currents for any
kind of geometry. However, in most machine simulations the windings are modeled with
virtual coil conductors to gain high flexibility and to reduce the modeling effort. The
drawback of such coil conductors is that no individual winding turns are modeled and
thus no calculation of eddy currents can be performed.
To overcome this limitation a complex two-dimensional finite element model has been de-
veloped in this thesis. The model can simulate any transient operating point, considering
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all relevant machine losses. One of the key components is an automated model gener-
ating process which allows the complex modeling of any number of individual winding
conductors. Besides the determination of converter losses, iron losses and copper losses,
the model also contains a new method to consider the so-called end-effects within tran-
sient finite element simulations. In switched reluctance machines, the influence of the
end-effects changes with rotor position. Hence, the parameters for end-effect modeling
are continuously adapted throughout the simulation. The finite element model is linked
to a universal electric circuit which is coupled to MATLAB/Simulink. This permits the
application of different kinds of control strategies including hysteresis control and PWM.
Verification measurements confirm high accuracy of the developed model with respect to
both efficiency and torque prediction.
The newly developed finite element tool allows to optimize winding geometries for minimal
eddy current losses. Without changing the phase turn number of the example machine,
the efficiency in the nominal operating point is increased from 88.33 % to 93.56 % just
by changing the conductor dimensions. The analysis have shown that conductors with a
large surface located close to the air gap should be avoided since they turn out to be a
major source of eddy current losses.
Besides changing the winding geometry, a further reduction of eddy current losses can
be achieved by control measures. By reducing the phase voltage, the current gradients
diminish and the amplitudes of the high frequency components decrease. In consequence
eddy current losses are reduced.
For a variety of different winding geometries, the copper losses calculated with the finite
element model are compared to the results of the analytic loss approximations using the
equations mentioned above. Although the analytic approximations underestimate the
losses, it is much better to consider the approximated losses than to neglect eddy current
losses completely. However, a precise prediction of machine performance can only be
achieved by using the newly developed finite element model.
Finally, it was found that eddy currents do not only increase machine losses but also influ-
ence the machine characteristics. Current displacement toward the air gap decreases both
phase inductance and flux linkage in the unaligned position. Consequently, the co-energy
loop is increased which increases the machine torque. Static flux linkage computations
do not consider current displacement and thus can be erroneous. For look-up table based
machine control it is thus recommended to use either measured machine data or the results
of transient computations.
7.2 Future Work
For the investigated example machine with 16 stator poles the analytic copper loss approx-
imations turned out to deliver reasonable results. However, as the number of stator poles
decreases and the slot width increases, it is expected that the analytic approximations
become more and more inaccurate. A detailed comparison of finite element simulations
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and analytic approximations should be performed for different machine configurations of
different size.
Several results of this thesis are readily applicable to permanent magnet machines with
salient pole stators. Due to the reduced stator complexity and shorter end windings this
type of permanent magnet machine becomes more and more popular. The presented
observations regarding the applicability of analytic loss approximations are expected to
be valid also for these machines. For a detailed loss investigation, the developed finite
element tool can be expanded to include permanent magnet machines.
As a result of the proposed investigations, the geometry limits at which the analytic
approximation method fails could be determined, allowing to identify a scope of machine
geometries that is suitable for analytic loss approximations. If this differentiation succeeds,
analytic approximations may also be included in the design tools commonly used for
machines with salient pole geometry. This would be a major enhancement of the design
process, helping the designer to avoid unforeseen power derating due to eddy current
losses.
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A Nomenclature
A.1 Symbols
Symbol Unit Meaning
eph V back-emf as function of time or θel.
e2d V back-emf induced in the 2d FEM simulation domain (lstack)
as function of time or θel.
e∆3d2d V back-emf induced due to end-effects as function of time or
θel.
fel Hz electrical frequency
h m conductor height
icoil A coil current as function of time or θel.
idc A dc-link current as function of time or θel.
iph A phase current as function of time or θel.
kνCuACDC - loss factor of entire machine
(
PνCuAC
PνCuDC
)
kνCuACDC, FEM2d - loss factor of the losses calculated for the FEM2d domain
depth
(
PνCuAC−PνCuDC, END
PνCuDC, FEM2d
)
lbend m mean length of the bended part of the end-turns
lcoil m total length of coil including the end-turns
lend m mean length of one end-turn
lgap m size of air gap
lstack m stack length (length of 2d simulation domain)
lstraight m length of the straight part of the coil
n rpm speed in revolutions per minute
p - number of pole pairs
r m radius
rbend m mean radius of bended part of the end-turns
ti0 s point in time at which the phase current becomes zero
tv0 s point in time at which the phase voltage becomes zero
vDC V dc-link voltage as function of time or θel.
vL ∆3d2dj V voltage across inductance L∆3d2d as function of time or θel.
vph V phase voltage as function of time or θel.
w m conductor width
wcoil m coil width
wpole m pole width
wslot m slot width
150 A Nomenclature
Symbol Unit Meaning
A Vs/m=Tm magnetic vector potential
B T=Vs/m2 flux density
E V/m electric field
H A/m magnetic field
~Hc A/m coercive field (permanent magnets)
I A current
IC A collector current
IF A diode forward current
Imax A upper limit for hysteresis current control
Imin A lower limit for hysteresis current control
Iph A rms phase current
J A/m2 current density
JDC A/m2 spatial constant current density related to the rms value
of a current
J0 - bessel function of order zero
J1 - bessel function of first order
Jm T magnetic polarisation
L H=Vs/A inductance
LFEM2d H=Vs/A inductance of one phase covered by 2d FEM simulation
domain (lstack)
L∆3d2d H=Vs/A inductance for end-effect modeling (L3d-LFEM2d)
L∆3d2d, al H=Vs/A end-effect inductance in aligned position
L∆3d2d, unal H=Vs/A end-effect inductance in unaligned position
LEnd H=Vs/A self-inductance of end-turns
Lfringe H=Vs/A inductance used to account for axial fringing
Li H=Vs/A inner inductance of a conductor
Lph = L3d H=Vs/A phase inductance
Ncoil - number of coils per phase
Npath - number of phase coils connected in parallel
Nph - number of machine phases
Nr - number of rotor poles
Ns - number of stator poles
Nserial - number of phase coils connected in series
Nstrand - number of parallel winding strands within one winding
turn
Nt, coil - number of winding turns per coil
Nt, ph - number of winding turns per phase (Nt, coil·Nserial)
P W power
Pconv W electric converter output power / machine input power
Pdc W electric dc input power
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Symbol Unit Meaning
Pdc, FEM2d W electric FEM input power (Pdc-PνSwitch)
Pmech, airgap W mechanic output power calculated with FEM air-gap
torque
Pmech, END W mechanic output power due to end-effects
Pmech, FEM2d W mechanic output power of FEM model
(Pmech, airgap+Pmech, END)
Pmech W mechanic output power after subtracting iron losses
(Pmech, FEM2d-PνFe)
Pshaft W mechanic shaft power after subtracting friction losses
(Pmech-PνFric)
PνSwitch W switching losses
PνCond W conduction losses
PνConv W total converter losses
PνCuAC W total copper losses including all dc losses and eddy current
losses (PνCuDC+PνCuEddy)
PνCuAC, FEM2d W total copper losses covered by the FEM2d domain depth
(PνCuDC, FEM2d+PνCuEddy)
PνCuDC W total dc copper losses
PνCuDC, END W dc copper losses in end turns and phase wirings
PνCuDC, FEM2d W dc copper losses covered by the FEM2d domain depth
PνCuEddy W eddy-current losses
PνFe W iron losses
PνFric W friction losses
PνMach W total machine losses
Q l/min coolant flow rate
RDC Ω ohmic resistance
RAC Ω equivalent resistance (including resistance increase due to
eddy currents)
RCoilEnd Ω ohmic resistance of coil heads of one phase
Rwiring Ω ohmic resistance of wiring inside the machine
REnd Ω total end-effect resistance (RCoilEnd+Rwiring)
RFEM2d Ω ohmic dc resistance of one phase covered by 2d FEM
simulation domain (lstack)
Rph Ω total ohmic dc resistance of one phase (RFEM2d+REnd)
Rm 1/H magnetic resistance
Ron, IGBT Ω IGBT on-state resistance
Ron, diode Ω diode on-state resistance
Rvirt Ω virtual phase resistance (including all losses occurring dur-
ing one measurement pulse)
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Symbol Unit Meaning
~S W/m2 Poynting vector
S m2 cross-sectional area
Scond m
2 cross-sectional area of one conductor
Sslot m
2 cross-sectional area of slot
T Nm torque
T (i, θ) Nm phase torque as function of phase current and rotor posi-
tion
TCoolIn °C inlet temperature of liquid coolant
TCu °C copper temperature
TCuMax °C maximum copper temperature (hot spot)
Tj °C junction temperature
Tavg Nm average torque
Tmech Nm torque after subtracting iron losses
Tmech, airgap Nm FEM air-gap torque
Tmech, END Nm torque due to end-effects
Tmech, FEM2d Nm torque of FEM model (Tmech, airgap+Tmech, END)
Tph Nm torque produced by one phase
Tshaft Nm shaft torque after subtracting friction losses
Tstat, sim, 2d Nm torque (statically simulated, two-dimensional)
Tstat,meas, 3d Nm torque (statically measured, three-dimensional)
Ttran, sim, 2d Nm torque (transient, simulated, two-dimensional)
V m3 volume
VCE V collector-emitter voltage
VCE0 V IGBT threshold voltage
VDC V constant dc-link voltage
VF V diode forward voltage
VF0 V diode threshold voltage
VGE V gate-emitter voltage
Y0 - neumann function of order zero
βR
◦
mech. rotor pole angle in mechanical degree
βS
◦
mech. stator pole angle in mechanical degree
γR
◦
mech. angle of rotor pole bottom width in mechanical degree
γS
◦
mech. angle of slot bottom width in mechanical degree
ηconv - converter efficiency
ηdrive - drive efficiency
ηma,DC - machine efficiency if only dc copper losses are considered
ηma, ana - machine efficiency if copper losses are calculated analyti-
cally
ηma - machine efficiency
ηslot - slot filling factor
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Symbol Unit Meaning
θdomain
◦
mech. mechanic angle covered by simulation domain
θel.
◦
el. angle in electrical degree
θon
◦
el. turn-on angle in electrical degree
θoff
◦
el. turn-off angle in electrical degree
θoffset
◦
el. simulation start offset angle in electrical degree
θph
◦ rotor position (θph=0 in unaligned position of the related
phase)
θel.res.
◦
el. simulation resolution in electrical degree
µ Vs/Am magnetic permeability
ρ Ωm specific electrical resistance
σ S/m electric conductivity
ω 1/s angular frequency
δ m skin depth
δn m skin depth of n-th harmonic frequency
Θ A magnetomotive force
Φ Wb=Vs magnetic flux
Ψ Wb=Vs magnetic flux linkage
Ψ(i, θ) Wb=Vs phase flux-linkage as function of phase current and rotor
position
Ψstat, sim, 2d Wb=Vs flux linkage (statically simulated, two-dimensional)
Ψtran,meas, 3d Wb=Vs flux linkage (transient, measured, three-dimensional)
Ψtran, sim, 2d Wb=Vs flux linkage (transient, simulated, two-dimensional)
Ψph = Ψ3d Wb=Vs total flux linkage of one phase
Ψ2d Wb=Vs phase flux linkage covered by the 2d simulation domain
Ψ∆3d2d Wb=Vs end-effect flux linkage (Ψ3d-Ψ2d)
A.2 Indices
Index Meaning
C coil
Cu copper
Fe iron
ph phase
RP rotor pole
RY rotor yoke
SC search coil
S strand
SP stator pole
SY stator yoke
ν loss
154 A Nomenclature
Index Meaning
Indices for copper losses calculated with post processor:
strand number
all strands if blank
P=positive oriented coil side (outgoing rotor pole)
N=negative oriented coil side (incoming rotor pole)
both coil sides if blank
turn number
x=all turns
C=one coil
P=all coils of one phase
P=mean losses of one cycle
p=losses as function of Θ
Pν C 1 P 1
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A.3 Glossary
Term Meaning
dc losses copper losses due to the impressed current (PνCuDC = I
2 R)
ac losses total copper losses including dc losses and eddy current losses
Ph1P positive half-coil (outgoing rotor pole)
Ph1N negative half-coil (incoming rotor pole)
V1 winding version 1 of OKOFEH machine
V2 winding version 2 of OKOFEH machine
A.4 Abbreviations
Abbreviation Meaning
DITC Direct Instantaneous Torque Control
EMC electromagnetic compatibility
FEM finite element method
GSE generalized Steimmetz equation
iGSE improved generalized Steimmetz equation
ISEA Institute for Power Electronics and Electrical Drives
(RWTH Aachen University)
MSE modified Steimmetz equation
OKOFEH Optimized Components for Electric and Hybrid Vehicles
PC-SRD design software for switched reluctance drives
PWM pulse width modulation
RMS root mean square
SE Steimmetz equation
SRM switched reluctance machine
SRD switched reluctance drive
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B Equations
B.1 Derivation of Current Density (cp. section 3.1.3)
For large values of |k r| the equation for the current density distribution
J(k r) =
k I
2 pi r0
J0(k r)
J1(k r0) (B.1)
can be approximated with
|J | ≈ I
2 pi r0
√
2 pifσµ
√
r0
r
e−
√
pifσµ (r0−r) . (B.2)
Expression (B.2) is derived using the approximation for the modified Bessel function (cp.
[Abr84])
In(z)||z|1 ≈
ez√
2 piz
(B.3)
and the relation between Jn and In
In(z) = i
−nJn(i z) . (B.4)
With |z|  1 the following relation is valid for absolute values:
|In(z)| =
∣∣i−nJn(iz)∣∣ = |Jn(iz)| ≈ ∣∣∣∣ ez√2 piz
∣∣∣∣ (B.5)
The symmetry of |Jn| with respect to the real axis yields
∣∣∣Jn(a · e−ipi 14 )∣∣∣ = ∣∣∣Jn(i · a · e−ipi 14 )∣∣∣ = ∣∣∣Jn(a · e+ipi 14 )∣∣∣ with a ∈ R (B.6)
and with
x = k r = r (1− i)
√
pifσµ with r ∈ R (B.7)
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the approximation for the Bessel function can be written as:
|Jn(ix)| = |Jn(x)| ≈
∣∣∣∣ ex√2 pix
∣∣∣∣
=
∣∣∣∣∣ 1√2 pi r (1− i)√pifσµ er (1−i)√pifσµ
∣∣∣∣∣
=
∣∣∣∣∣ 1√r √2 pi (1− i)√pifσµ er √pifσµ e−i r√pifσµ
∣∣∣∣∣ (B.8)
Inserting (B.8) into (B.1) finally leads to the approximation for the current density for
large arguments:
|J | ≈
∣∣∣∣∣(1− i)√pifσµ I2 pi r0
√
r0√
r
er
√
pifσµ
er0
√
pifσµ
∣∣∣∣∣
=
√
2
√
pifσµ
I
2 pi r0
√
r0
r
e−
√
pifσµ (r0−r) for r, r0  1√
pifσµ
(B.9)
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B.2 Calculation of Core Cross Sections (cp. section 4.3.4)
The cross sections of the four different core parts stator pole, stator yoke, rotor pole and
rotor yoke can be calculated with equations (B.10) to (B.28). Figure B.1 illustrates the
used quantities.
a = R2 · sin
(γS
2
)
(B.10)
b = R2 · cos
(γS
2
)
(B.11)
c = (R1+lgap) · sin
(
βS
2
)
(B.12)
d = (R1+lgap) · cos
(
βS
2
)
(B.13)
e = R1 · sin
(
βR
2
)
(B.14)
f = R1 · cos
(
βR
2
)
(B.15)
g = R0 · sin
(γR
2
)
(B.16)
h = R0 · cos
(γR
2
)
(B.17)
a
b
c
d
e
f
g
h
R0
R1
R1+lgap
R2R3
γS βS
γR
βR
S1
S2
S3
S4
S5
S6
S7
Figure B.1: Calculation of core cross sections SSY1, SSP1 and SRP1
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S1 = pi · (R23 −R22) ·
1
Ns
(B.18)
S2 = pi ·R22 ·
γS
2pi
− (a · b) (B.19)
S3 = (b−d) · 2 c (B.20)
S4 = pi · (R1+lgap)2 · βS
2pi
− (c · d) (B.21)
S5 = pi ·R21 ·
βR
2pi
− (e · f) (B.22)
S6 = (f−h) · (e+ g) (B.23)
S7 = pi ·R20 ·
γR
2pi
− (g · h) (B.24)
SSY1 = S1 + S2 (B.25)
SSP1 = S3 − S4 (B.26)
SRP1 = S5 + S6 − S7 (B.27)
SRY1 = pi · (R20 −R2SH) ·
1
Nr
(B.28)
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C Data of OKOFEH Traction Drive
The switched reluctance machine referred to as OKOFEH machine was developed within
a research project funded by the German Federal Ministry for Education and Research
(BMBF). The abbreviation OKOFEH stands for Optimized Components for Electric and
Hybrid Vehicles. Drive systems with switched reluctance machine and transversal flux
machine were developed and compared with an induction machine drive [Alt03]. The
switched reluctance drive is specified for a continuous output power of 55 kW and a peak
power of 75 kW [Ind01].
Figure C.1: CAD drawings of switched reluctance drive and converter power stage
C.1 Machine
The machine was designed with four phases and a pole pair number of two. Thus, the
laminations have a 16/12 pole configuration with four stator poles belonging to one ma-
chine phase. Four phase machines have a large phase overlap which makes them ideal
for the development and investigation of torque ripple minimizing control structures like
Figure C.2: OKOFEH machine in different views
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DITC [Ind03a]. Furthermore, the large phase number guarantees high starting torque
at all rotor positions, which is essential for traction applications. Another advantage of
configurations with high numbers of stator poles is the increased iron surface, which en-
hances the cooling of the stator coils. To obtain a compact drive system the machine and
planetary gear are built in transaxle design with one of the half-shafts running through
the hollow shaft of the rotor. This way, the drive unit can be placed directly between the
driven wheels, without requiring extra space for the half shafts.
Geometry /Weight
air gap 0.35 mm
stack length 150 mm
total length 300 mm
outer stator lamination diameter 264 mm
total outer diameter 300 mm
weight of active materials 50 kg
total weight 78 kg
Specified Ratings
nominal power 55 kW
peak power 75 kW
nominal torque 150 Nm
peak torque 220 Nm
nominal speed 3,500 rpm
maximum speed 12,000 rpm
nominal torque to active weight ratio 2.73 Nm/kg
nominal torque to total weight ratio 1.74 Nm/kg
nominal power to active weight ratio 1 kW/kg
nominal power to total weight ratio 0.64 kW/kg
Table C.1: Technical data of the machine
Geometry /Weight
length 190 mm
outer diameter 300 mm
weight 34 kg
Ratings
fixed gear ratio 1 : 8.64
maximum input speed 12,000 rpm
Table C.2: Technical data of the planetary gear with included differential
The machine was equipped with three different winding configurations in order to inves-
tigate the influence of winding geometry on efficiency and continuous output power.
Detailed efficiency maps of all three configurations are shown in chapter 2. Due to unequal
occurrence of winding eddy currents the machine performance of all three versions varied in
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Nt, coil Nstrand Npath Type Strand Dim. ACuPh ηslot
Version 1 6 11 1 Rect. Cond. 1.5× 2.0 mm 198 mm2 56.4 %
Version 2 24 1 4 Rect. Cond. 1.5× 5.5 mm 198 mm2 56.4 %
Version 3 6 13 1 Rect. Litz =1.63mm 163 mm2 46.3 %
Table C.3: Different winding configurations of the machine
a wide range. At the nominal operating point (150Nm, 3,500 rpm) the following machine
efficiencies were measured:
Version1: ηN=90.5 % Version2: ηN=88.5 % Version3: ηN=93.4 %
Figure C.3: OKOFEH drive on different test stands
C.2 Converter
For the integration of the drive system into a test vehicle a highly integrated converter has
been designed and built. A detailed description can be found in [Car05]. In the following
the main features of the converter are summarized.
C.2.1 Control
The implemented drive control system is divided into four control levels [Car02]. The sys-
tem control is the highest level, providing the error management and the communication
4 Current Control
3 Switching Angle Generation
2 Torque Control (feedforward/DATC)
1 System Control (CAN, error handling, operating limit management)
Interrupt Software SoftwareAnalog
fast slowexecution speed
Figure C.4: Control levels ordered according to execution speed
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with the vehicle controller. The other three control levels form the torque controller, with
integrated direct average torque control (DATC) [Ind03a].
Figure C.5: Controller board with auxiliary power supply and driver stages
The hardware architecture for the implementation of these control levels is based on an
20MHz Infineon C167 microcontroller. Besides the calculation of all control variables
the controller takes care of the communication with peripheral control units via a CAN
interface with 500 kB/s data rate. The main loop for external communication and internal
control tasks is started every 10ms.
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Figure C.6: Structure of the control system and its peripherals
For the entire control electronics including the IGBT drivers a compact printed circuit
board has been designed. The four layer board provides separate supply layers for both
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voltage supply and system ground. A continuous ground layer and the well structured
placing of the different functional groups are elementary requirements for optimal noise
immunity.
C.2.2 Power Section
Typical for switched reluctance machines, the power section is designed in asymmetri-
cal half bridge topology. Up to now, there are no integrated asymmetrical half bridge
modules available on the market. Thus, the converter legs are realized with Semikron
SKM300GAL/GAR modules. These boost (GAL) and buck chopper (GAR) modules
consist of one IGBT and one freewheeling diode. Each pair of these modules forms one
asymmetrical half bridge for the control of one machine phase. The gates are driven by
Semikron SKHII drivers with integrated collector-emitter voltage monitoring.
machine
UDC
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Low1
High2
Low2
High3
Low3
High4
Low4
Figure C.7: Asymmetrical half bridge topology of the power stage
The cooling plate is designed with diamond shaped fins which provide the best thermal
coupling especially at low coolant flow rates [Bau01]. To examine the water flow through
the heat sink, the cooling channel was temporarily sealed with an acrylic glass and the
water was colored by injecting black ink. The tests have shown a uniform coolant flow
through the heat sink. Additional tests proved that the air inside the heat sink is com-
pletely replaced by water during the filling process which is essential to avoid local hot
spots.
Figure C.8: Examination of the water flow through the heat sink
Due to the high reactive power required for magnetizing and demagnetizing the machine
phases the dc-link capacitors are continuously loaded with high current ripple. Thus, a
special capacitor type designed for high current ripple was chosen.
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C.2.3 Mechanical Construction
To improve electromagnetic compatibility (EMC) the power stages are separated from the
control electronics by the cooling plate. Thus, the heat sink is the central constructional
element placed in the middle of the converter providing a good shield for the control
electronics. On the front side of the cooling plate the power modules, the current sensors
and the dc-link capacitors are mounted. Although the capacitors are not directly circum-
Figure C.9: left: Power devices, bus-bar and current sensors
right: Control electronics including auxiliary power supply and driver stages
flowed by the coolant, the design provides good thermal coupling between capacitors and
coolant. A low inductive bus-bar connects the dc-link capacitors with the power modules
eliminating the need of snubber capacitors. On the back side of the cooling plate a sealed
compartment holds the control board. Small bushings through the heat sink allow to
connect drivers and power modules on the shortest possible path.
Geometry
size 410× 280× 150 mm
weight 20 kg
volume 13.7 l
power to weight ratio 3.75 kW/kg
power to volume ratio 5.5 kW/l
cross section of water-cooling 200 mm2
Ratings
nominal power 75 kW
nominal dc-link voltage 300 V
maximum dc-link voltage 400 V
nominal phase current 300 Arms
dc-link capacity 2.6 mF
number of phases 4
auxiliary power supply 9-18 V
coolant water/glycol
coolant inlet temperature 50 °C
coolant flow rate 5 l/min
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Components
power devices (high side IGBT) Semikron SKM300GAR (4x)
power devices (low side IGBT) Semikron SKM300GAL (4x)
driver stages Semikron SKHIIB (4x)
dc-link capacitors Epcos B43650 (450V, 1.3mF) (2x)
current sensors LEM LF306-S (5x)
controller Inifineon C167
Features
asymmetrical half bridge topology
four-quadrant torque control (DATC)
interface for incremental position detection with initial position estimation
CAN communication
speed limitation for machine protection
temperature monitoring for self-protection
Table C.4: Technical data of the converter
C.3 Drive Specifications
The aim of the project was the development of a drive system for future electric-, hybrid-
and fuel cell vehicles with driving performance comparable to equivalent conventional
vehicles. Accordingly, the following performance targets were defined. The drive system
must be capable to accelerate a 1800 kg vehicle from 0 to 100 km/h in 12 seconds and the
maximum vehicle speed is required to reach 150 km/h [Alt01].
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Figure C.10: Specified operating range of the OKOFEH machine
With the fixed gear ratio of 1:8.64 these performance targets result in a nominal machine
speed of 3500 rpm and a maximum speed of 12000 rpm. The drive is connected to a
conventional liquid cooling system and needs to reach the specified power limits at inlet
temperatures of 50 °C at the converter and 55 °C at the machine. The energy storage
system for the drive system consists of a NiMH battery stack with a specified voltage of
324V and a capacity of 95Ah.
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Wirbelstro¨me in Wicklungen
Geschalteter Reluktanzmaschinen
1 Einleitung
Wirbelstro¨me in Wicklungen Geschalteter Reluktanzmaschinen verursachen zusa¨tzliche
Kupferverluste, die zu einer erheblichen Reduzierung der Maschinenleistungsfa¨higkeit fu¨h-
ren ko¨nnen. Da die bekannten Auslegungswerkzeuge fu¨r Geschaltete Reluktanzmaschinen
Wirbelstromverluste generell vernachla¨ssigen, wird mitunter die Leistungsfa¨higkeit neu
ausgelegter Maschinen u¨berscha¨tzt. Um hier Abhilfe zu schaffen, bescha¨ftigt sich diese
Dissertation ausfu¨hrlich mit der Berechnung von Wicklungswirbelstro¨men und der ver-
lustminimierenden Optimierung von Wicklungsgeometrien.
Bei der Entwicklung elektrischer Antriebssysteme steht oftmals die Maximierung der
Drehmoment- sowie der Leistungsdichte im Vordergrund. Durch den Einsatz neuester
Materialien steigen die zula¨ssigen Temperaturgrenzen immer weiter an. Die Nennleistung
einer Maschine definiert sich durch die Betriebspunkte, bei denen sich die Maschinenver-
luste und die ableitbare Wa¨rme im Gleichgewicht befinden und gleichzeitig die spezifi-
zierten Maximaltemperaturen nicht u¨berschritten werden. Fu¨r eine gute Maschinenaus-
legung ist daher insbesondere eine mo¨glichst genaue Vorhersage aller Maschinenverluste
entscheidend. Die Gesamtverluste bestehen im Wesentlichen aus Kupfer-, Eisen- und Rei-
bungsverlusten, wobei sich die Kupferverluste ihrerseits in die rein ohmschen Verluste und
die Wirbelstromverluste aufteilen. In Maschinen mit schmalen, parallelflankigen Nuten,
wie sie u¨blicherweise in herko¨mmlichen Drehfeldmaschinen vorkommen, ist das Nutstreu-
feld eindimensional. Aufgrund dieser Randbedingung vereinfachen sich die Differentialglei-
chungen zur Wirbelstromberechnung und die Wirbelstromverluste ko¨nnen analytisch be-
stimmt werden. Fu¨r Geschaltete Reluktanzmaschinen sind diese analytischen Gleichungen
jedoch nicht allgemein gu¨ltig, da das Nutstreufeld nicht eindimensional ist. Insbesondere
in Luftspaltna¨he verla¨uft das Nutstreufeld, bedingt durch die einlaufenden Rotorza¨hne,
zeitweise in einem 90° Bogen und ist daher zweidimensional. Mangels allgemeingu¨ltiger
analytischer Gleichungen fu¨r die Berechnung von Wirbelstromverlusten in den Windungen
Geschalteter Reluktanzmaschinen werden diese Verluste bei der Maschinenauslegung oft
vernachla¨ssigt. Bei vielen Maschinenvarianten ist dieses Vorgehen auch durchaus zula¨ssig,
da die verbauten Drahtdurchmesser so klein sind, dass keine nennenswerten Wirbelstrom-
verluste auftreten. Mit steigenden Kupferquerschnitten nehmen die Wirbelstromverluste
jedoch stark zu. Dies betrifft insbesondere Maschinen mit hoher Leistung und geringer
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Windungszahl. In solchen Fa¨llen wird empfohlen, Litze einzusetzen und die Leiter nicht
zu nah am Luftspalt zu platzieren. Fu¨r diese allgemeinen Empfehlungen sind jedoch keine
genauen Berechnungen und Auslegungsvorschriften bekannt.
Am Institut fu¨r Stromrichtertechnik und Elektrische Antriebe der RWTH Aachen wur-
de eine 55 kW Prototypmaschine mit drei unterschiedlichen Wicklungsvarianten ausge-
ru¨stet. Pru¨fstandsmessungen zeigten massive Abweichungen der Maschinenwirkungsgra-
de (88,5 %, 90,5 %, 93,4 %), deren Ursache offensichtlich in stark unterschiedlich ausge-
pra¨gten Wirbelstromverlusten liegt. Die einzige bekannte Arbeit, in der Wirbelstro¨me in
Wicklungen Geschalteter Reluktanzmaschinen berechnet wurden, ist die Vero¨ffentlichung
von Klauz. Die darin durchgefu¨hrten Berechnungen besta¨tigen die Notwendigkeit, Lei-
terwirbelstro¨me in Geschalteten Reluktanzmaschinen zu beru¨cksichtigen. Die berechnete
Maschinen- und Wicklungsgeometrie wurde jedoch manuell erstellt und ist daher nicht auf
beliebige Maschinen anwendbar. Ein wesentliches Ziel der vorliegenden Dissertation ist
daher die Entwicklung eines automatisierten Simulationsprozesses fu¨r Geschaltete Reluk-
tanzmaschinen, der alle Maschinenverluste einschließlich Wirbelstromverluste beru¨cksich-
tigt und eine transiente Berechnung beliebiger Betriebspunkte erlaubt.
2 Geschaltete Reluktnazmaschinen - Entwurf und Verifikation
In Kapitel 2 wird der ga¨ngige Auslegungsprozess Geschalteter Reluktanzmaschinen er-
la¨utert. Verschiedene Auslegungsaspekte werden angesprochen, wobei insbesondere auf
die Wicklungsauslegung eingegangen wird. Dabei wird zwischen Windungszahlauslegung
und mechanischem Wicklungslayout unterschieden. Mit steigender Windungszahl sinken
die bei niedriger Drehzahl erforderlichen Maschinenstro¨me. Dafu¨r wird jedoch aufgrund
der steigenden Gegenspannung bei hohen Drehzahlen die maximale Maschinenleistung
verringert. Die Auslegung der Windungszahl ist daher generell ein Kompromiss aus mo¨g-
lichst kleinen Umrichterstro¨men einerseits und ausreichender Maschinenleistung bei hohen
Drehzahlen andererseits. Dabei ist zu beachten, dass auch bei gro¨ßeren Windungszah-
len die Maschinenleistung mit Hilfe eines speziellen Bestromungsverfahrens (continuous
conduction mode) stark erho¨ht werden kann, wobei allerdings auch die Verluste stark
zunehmen.
Generell ko¨nnen die Zahnspulen parallel, seriell oder in Kombinationen davon verschal-
tet werden. Je nach Verschaltung ergeben sich unterschiedliche Windungszahlen fu¨r die
Einzelspulen und entsprechend unterschiedliche Wicklungsgeometrien, welche wiederum
starken Einfluss auf die Wirbelstromverluste haben. Bei der untersuchten Prototypma-
schine besteht ein Strang aus vier Zahnspulen. Durch unterschiedliche Verschaltung la¨sst
sich die Gesamtwindungszahl von 24 Windungen wahlweise durch Einzelspulen mit 6, 12
oder 24 Windungen realisieren.
Weiterhin werden in diesem Kapitel die verschiedenen Wicklungsvarianten der untersuch-
ten Prototypmaschine erla¨utert. Zwei der Varianten sind mit Rechteckleitern ausgefu¨hrt
und eine Variante ist mit Litze aufgebaut. Erwartungsgema¨ß hat die Variante mit Lit-
ze im Nennpunkt bei 3500 Upm und 150 Nm mit 93,4 % den ho¨chsten Wirkungsgrad.
Auffa¨llig ist jedoch der starke Wirkungsgradunterschied zwischen den beiden Varianten
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mit Rechteckleitern. Wicklungsvariante V1 (6 Windungen pro Zahn, 11 parallele Stra¨n-
ge mit 1,5 x 2,0 mm Leiterquerschnitt, alle vier Spulen in Reihe verschaltet) erreicht im
Nennpunkt 90,5 % Wirkungsgrad. Wicklungsvariante V2 (24 Windungen pro Zahn, ein
paralleler Strang mit 1,5 x 5,5 mm Leiterquerschnitt, alle vier Spulen parallel verschaltet)
dagegen erreicht im Nennpunkt nur einen Wirkungsgrad von 88,5 %. Als Konsequenz ist
die Dauerleistungsfa¨higkeit von Maschine V2 um 40 % geringer als die der Variante mit
Litze.
3 Grundlagen der analytischen Wirblestromverlustberechnung
In diesem Kapitel werden die Grundlagen der analytischen Wirbelstromberechnung be-
trachtet. Zuna¨chst wird der Skineffekt am Beispiel eines von Luft umgebenen, runden
Drahtes hergeleitet. Sobald ein sich zeitlich vera¨ndernder Strom durch einen elektrischen
Leiter fließt, wird der Strom zum a¨ußeren Rand des Leiters hin verdra¨ngt. Dieser Effekt
wird als Skineffekt bezeichnet. Durch Anwendung des Induktions- und des Durchflutungs-
gesetzes kann eine Differentialgleichung aufgestellt werden, deren Lo¨sung die Stromdichte-
verteilung als Funktion des Radius beschreibt. Das Ausmaß der Stromverdra¨ngung ha¨ngt
maßgeblich von der Frequenz des Stromes und dem Durchmesser des Drahtes ab. Als cha-
rakteristische Gro¨ße ist es u¨blich die so genannte Skintiefe zu berechnen, die umgekehrt
proportional zur Wurzel der Frequenz ist. Im Falle starker Stromverdra¨ngung beschreibt
die Skintiefe den Abstand vom Leiterrand, bei dem die Stromdichte vom Rand her ge-
sehen auf 63,2 % abgefallen ist. Umgekehrt gilt die bekannte Faustregel, dass die Strom-
verdra¨ngung vernachla¨ssigbar ist, sobald der Leiterdurchmesser kleiner als die Skintiefe
ist. Tatsa¨chlich betragen die Zusatzverluste durch Wirbelstro¨me nur noch rund 2 % der
reinen Gleichstromverluste, wenn der Leiterdurchmesser genau der Skintiefe entspricht.
Bei elektrischen Maschinen sind die Leiter in aller Regel nicht von Luft umgeben, son-
dern befinden sich in Nuten, die in hochpermeables Eisen eingebettet sind. Bei schma-
len, parallelflankigen Nuten, wie sie typischerweise bei Drehfeldmaschinen mit verteilten
Wicklungen vorkommen, wird das von den Leitern erzeugte magnetische Feld außerhalb
der Nut im Eisen gefu¨hrt, und innerhalb der Nut entsteht ein eindimensionales Streu-
feld, das zur Nuto¨ffnung hin anwa¨chst. Befindet sich ein einzelner massiver Leiter in der
Nut, so wird ein darin fließender Wechselstrom einseitig zur Nuto¨ffnung hin verdra¨ngt.
Man spricht auch hier von Skineffekt, da dieser Begriff generell fu¨r Stromverdra¨ngungsef-
fekte benutzt wird, die ausschließlich vom betrachteten Leiterstrom selbst hervorgerufen
werden. Im deutschen Sprachgebrauch wird der Skineffekt in Wicklungsnuten auch als ein-
seitige Stromverdra¨ngung bezeichnet. Befinden sich in der Nut mehrere Windungslagen
einer Wicklung u¨bereinander, kommt ein weiterer Stromverdra¨ngungseffekt hinzu. Neben
dem Skineffekt tritt in den oberen Windungslagen zusa¨tzliche Stromverdra¨ngung auf, die
durch das Streufeld der weiter untenliegenden Windungslagen hervorgerufen wird. Hierbei
handelt es sich um den Proximityeffekt, der auch als Nahwirkungseffekt bekannt ist. Zur
Veranschaulichung des Skin- und Proximityeffekts wurden entsprechende Beispielgeome-
trien mit Hilfe der Finiten Elemente Methode berechnet und die Ergebnisse graphisch
aufbereitet. Die resultierenden Stromdichtediagramme verdeutlichen, wie sich die Strom-
verdra¨ngung von Skin- und Proximityeffekt u¨berlagern. Unter der Randbedingung eines
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eindimensionalen Nutstreufeldes lassen sich die Differentialgleichungen zur Berechnung
der Stromdichteverteilung mit Hilfe der hyperbolischen Sinus- und Kosinusfunktionen lo¨-
sen. Mit Hilfe der Stromdichteverteilung lassen sich dann die gesamten Kupferverluste
bestimmen. Es ist u¨blich, zur einfacheren Verlustberechnung einen so genannten Wech-
selstromwiderstand zu berechnen, der stets gro¨ßer oder gleich dem rein ohmschen Wider-
standswert ist und entsprechend die Zusatzverluste durchWirbelstro¨me mitberu¨cksichtigt.
Das Ausmaß der Wirbelstromverluste ist abha¨ngig von der Leiter- und Nutgeometrie so-
wie der Frequenz des Leiterstromes. Da die Gleichungen zur Verlustberechnung fu¨r recht-
eckige Leiter definiert sind, die die gesamte Nutbreite ausfu¨llen, mu¨ssen real vorliegende
Wicklungsgeometrien zuna¨chst in entsprechende Ersatzgeometrien u¨berfu¨hrt werden. Da-
bei werden nebeneinander liegende Leiter zu einer Windungslage zusammengefasst und
Rundleiter in Rechteckleiter u¨berfu¨hrt.
Die vorgestellten Gleichungen sind grundsa¨tzlich nur fu¨r sinusfo¨rmige Vorga¨nge definiert.
Fu¨r nicht sinusfo¨rmige Stro¨me, wie sie z.B. fu¨r Geschaltete Reluktanzmaschinen typisch
sind, ist daher eine Spektralanalyse durchzufu¨hren und die Verluste sind fu¨r alle Harmo-
nischen getrennt zu berechnen. Dabei ist zu beachten, dass der Wechselstromwiderstand
frequenzabha¨ngig ist und fu¨r alle vorkommenden Frequenzen neu bestimmt werden muss.
Eine Fragestellung dieser Arbeit ist, ob die dargestellten analytischen Berechnungsme-
thoden geeignet sind, die Wirbelstromverluste in den Wicklungen Geschalteter Reluk-
tanzmaschinen vorherzusagen, obwohl hier die Randbedingung eines eindimensionalen
Nutstreufeldes nur sehr eingeschra¨nkt erfu¨llt ist. Fu¨r eine fundierte Bewertung solcher
analytischer Na¨herungen mu¨ssen die real auftretenden Wirbelstromverluste bestimmt wer-
den. Aufgrund der Komplexita¨t der Geometrie und dem nichtlinearen Maschinenverhal-
ten kommt hierfu¨r vornehmlich die Methode der Finiten Elemente in Frage. Entsprechend
wird im vierten Kapitel ein geeignetes Finite Elemente Modell zur transienten Berechnung
Geschalteter Reluktanzmaschinen entwickelt.
4 Finite Elemente Modell
Dieses Kapitel beschreibt ausfu¨hrlich den neu entwickelten Prozess zur transienten Simu-
lation Geschalteter Reluktanzmaschinen, der alle wesentlichen Verlustmechanismen ein-
schließlich der Wirbelstromverluste in den Wicklungen beru¨cksichtigt. Zuna¨chst werden
die Modellbildung und das Lo¨sungsverfahren diskutiert. Danach wird erla¨utert, wie die
Simulationsdaten ausgewertet und nachbehandelt werden, um schrittweise alle Verluste
zu bestimmen. Abschließend werden zur Modellverifikation die Simulationsergebnisse mit
Pru¨fstandsmessungen verglichen.
Ein entscheidender Unterschied zu den u¨blicherweise fu¨r elektrische Maschinen durchge-
fu¨hrten Finite Elemente Simulationen besteht darin, dass das vorliegende Modell keine
virtuellen Spulen verwendet, sondern jeden Einzeldraht individuell modelliert. Nur so ist
es mo¨glich, die Stromdichteverteilung in den Einzelleitern zu berechnen und die resultie-
renden Wirbelstromverluste zu bestimmen. Da eine solch detaillierte Modellierung insbe-
sondere bei Maschinen mit gro¨ßerer Windungszahl sehr aufwendig ist, kommt eine manu-
elle Modellgenerierung nicht in Frage. Daher wurde ein Automatisierungswerkzeug ent-
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wickelt, das eine automatische Modellgenerierung von Geschalteten Reluktanzmaschinen
mit beliebiger Windungszahl erlaubt. Basierend auf Geometrieparametern wird dazu von
MATLAB eine Skriptdatei erzeugt. Durch die Ausfu¨hrung dieses Skriptes im Preprozessor
der Finite Elemente Software FLUX2D, wird das detaillierte Maschinenmodell schritt-
weise aufgebaut und kann im direkten Anschluss vom FLUX2D Solver gelo¨st werden.
Entscheidend fu¨r die Genauigkeit der Simulationsergebnisse ist das Finite Elemente Netz.
Insbesondere im Bereich der Wicklungsdra¨hte muss auf eine ausreichende Knotendich-
te geachtet werden. Testsimulationen mit variierender Knotendichte haben ergeben, dass
bei Stro¨men, wie sie typischerweise in Geschalteten Reluktanzmaschinen auftreten, min-
destens drei bis vier Knoten pro Skintiefe (bezogen auf die Grundfrequenz) erforderlich
sind.
Fu¨r den Lo¨sungsvorgang wurde der FLUX2D Solver mit MATLAB/Simulink gekoppelt.
Auf diese Weise ist es mo¨glich, das Finite Elemente Modell fu¨r beliebige transiente Vor-
ga¨nge zu lo¨sen. So ist in Simulink die u¨bergeordnete Maschinenregelung implementiert,
die zu jedem Zeitschritt die aktuellen Zustandsvariablen an das Finite Elemente Modell
u¨bergibt, auf die Lo¨sung wartet und anschließend die Resultate wie z.B. Drehmoment
und Strangstro¨me ausliest. Bei Geschalteten Reluktanzmaschinen spielen die so genannten
Endeffekte eine entscheidende Rolle. Diese beschreiben den Einfluss der Wickelkopfregio-
nen auf das magnetische Verhalten der Maschinen und haben gerade bei kurzen Maschinen
starken Einfluss auf das Drehmoment. Da sich der Einfluss des Endeffektes mit der Ro-
torlage a¨ndert, kann dieser Effekt nicht statisch kompensiert werden. Daher wurde ein
neues Verfahren implementiert, bei dem die Endeffektparameter wa¨hrend der Simulation
kontinuierlich in Abha¨ngigkeit der Rotorlage angepasst werden.
Im Anschluss an den Lo¨sungsvorgang werden, basierend auf den Simulationsergebnissen,
sowohl die Maschinen- wie auch die Umrichterverluste berechnet, so dass schlussend-
lich fu¨r den betrachteten Betriebspunkt die Wirkungsgrade von Maschine und Umrichter
bestimmt werden ko¨nnen. Die Umrichterverluste teilen sich auf in Schalt- und Durch-
lassverluste und werden mit Hilfe von Datenblattangaben berechnet. Die Kupferverluste
der Maschine einschließlich der Wirbelstromverluste in den Leitern gehen direkt aus der
Leistungsbilanz der Finiten Elemente Simulation hervor. Aufwendiger gestaltet sich die
Berechnung der Eisenverluste. Da Geschaltete Reluktanzmaschinen keine sinusfo¨rmigen
Feldverla¨ufe aufweisen, kann die Standardberechnungsmethode von Steinmetz nicht an-
gewendet werden. Mit der MSE (Modified Steinmetz Equation) und der iGSE (improved
Generalized Steinmetz Equation) stehen zwei Methoden zur Verfu¨gung, mit denen Eisen-
verluste fu¨r beliebige Induktionsverla¨ufe berechnet werden ko¨nnen. In der vorliegenden
Arbeit wird die iGSE zur Berechnung der Eisenverluste eingesetzt. Die erforderlichen In-
duktionsverla¨ufe werden durch Integration des magnetischen Flusses in den verschiedenen
Eisenabschnitten von Stator und Rotor bestimmt.
Im letzten Abschnitt von Kapitel 4 wird das Modell verifiziert. Hierzu werden die in der
Einleitung bereits angesprochenen Messergebnisse der Beispielmaschine mit entsprechen-
den Simulationsergebnissen verglichen. Es zeigt sich, dass das Modell die real vermessenen
Wirkungsgrade genau nachbildet. Insbesondere die Wirkungsgradunterschiede aufgrund
unterschiedlicher Wicklungsgeometrien werden pra¨zise vorhergesagt. Dies zeigt, dass das
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Modell die Wirbelstromverluste in den Wicklungen korrekt berechnet und somit ein ge-
eignetes Werkzeug ist, um neue Wicklungsgeometrien simulativ zu verifizieren und zu
optimieren.
5 Analyse und Optimierung von Wicklungsgeometrien
Mit Hilfe des im vorherigen Abschnitt erla¨uterten Simulationsmodells werden die verschie-
denen Wicklungsvarianten der Beispielmaschine eingehend untersucht. Die Simulationen
erlauben dabei nicht nur die Berechnung der Gesamtverluste sondern ermo¨glichen ei-
ne ra¨umliche Darstellung der Verlustverteilung. Abbildung 1 und Abbildung 2 zeigen die
Verlustverteilungen der beiden untersuchten Wicklungsvarianten.
Abbildung 1: Verlustverteilung in Wicklungsvariante 1
Abbildung 2: Verlustverteilung in Wicklungsvariante 2
Bei Variante 1 sind die 11 u¨bereinanderliegenden Leiter parallel verschaltet und bilden da-
her zusammen nur eine Windungslage. Entsprechend kommt hier ausschließlich der Skin-
effekt zum Tragen, und der Strom wird u¨ber alle parallelen Leiter hinweg zum Luftspalt
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hin verdra¨ngt. Bei der zweiten Variante hat die Wicklung vier Windungslagen und folglich
wirkt hier auch der Proximityeffekt, dessen Auswirkung von Lage zu Lage zunimmt. In den
Abbildungen ist zusa¨tzlich die Gleichstromleistungsdichte mit einer umrandenden Linie
eingetragen. Diese gibt die rein ohmschen Gleichstromverluste ohne Beru¨cksichtigung von
Wirbelstro¨men an. Es zeigt sich, dass in beiden Varianten die Wirbelstromverluste unver-
ha¨ltnisma¨ßig hoch sind.
Wie in Kapitel 3 bereits erla¨utert, ist eine geschlossen analytische Berechnung der Wirbel-
stro¨me in den Wicklungen Geschalteter Reluktanzmaschinen nicht mo¨glich. Zur Verifika-
tion, ob die Gleichungen dennoch fu¨r sinnvolle Na¨herungen verwendet werden ko¨nnen,
wurden die analytischen Gleichungen auf die simulierten Geometrien angewendet. Es hat
sich herausgestellt, dass die analytischen Rechnungen die Verluste zwar unterscha¨tzen,
aber dennoch gute Anhaltswerte liefern. Insbesondere ist es mo¨glich anhand der Glei-
chungen abzuscha¨tzen, wie sich Geometrievariationen der Wicklungen auf die Verluste
auswirken.
Mit Hilfe des Simulationsmodells und der analytischen Gleichungen wurde eine optimierte
Wicklungsvariante fu¨r die Beispielmaschine entworfen. Abbildung 3 zeigt die Verlustver-
teilung dieser optimierten Wicklungsgeometrie. Die Verlustu¨berho¨hung durch Wirbelstro¨-
me konnte deutlich reduziert und der Wirkungsgrad auf 93,56 % gesteigert werden (Zum
Vergleich: 90,81 % bei Variante 1 und 88,33 % bei Variante 2).
Abbildung 3: Verlustverteilung der optimierten Wicklungsgeometrie
Abschließend wird untersucht, inwieweit sich Wirbelstromverluste durch regelungstechni-
sche Maßnahmen reduzieren lassen. Durch Senken der Strangspannung werden die Strom-
steilheiten verringert, wodurch sich die ho¨herfrequenten Anteile der Strangstro¨me reduzie-
ren. Da die Wirbelstro¨me maßgeblich von der Frequenz abha¨ngen, ko¨nnen auf diese Weise
die Verluste reduziert werden. Bei Wicklungsvariante 2 konnte mit dieser Maßnahme im
gleichen Betriebspunkt der Wirkungsgrad von 88,33 % auf 90,03 % angehoben werden.
Auch bei der bereits geometrisch optimierten Wicklungsvariante konnte der Wirkungs-
grad durch Spannungsreduzierung noch um 0,2 % erho¨ht werden.
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6 Einfluss der Stromverdra¨ngung auf die Maschinencharakteristik
Die Stromverdra¨ngung erho¨ht nicht nur die Kupferverluste sondern kann auch das elektro-
magnetische Verhalten von Geschalteten Reluktanzmaschinen beeinflussen. Flussverket-
tungsmessungen ergaben fu¨r beide Wicklungsvarianten der Beispielmaschine unterschied-
liche Ergebnisse, obwohl die a¨ußeren Wicklungsabmessungen gleich sind und auch die
Gesamtwindungszahl der verschalteten Spulen u¨bereinstimmt. Auf dem Pru¨fstand wird
die Flussverkettung u¨blicherweise durch Einpra¨gen von Spannungspulsen mit synchroner
Strommessung bestimmt. Durch Integration der Spannung kann dann die Flussverkettung
als Funktion von Strangstrom und Rotorlage dargestellt werden. Da die Messung mit
Spannungspuls ein transienter Vorgang ist, entstehen Wirbelstro¨me, die das Messergebnis
beeinflussen. Mittels Finiter Elemente Simulation wird die Flussverkettung typischerweise
nur statisch berechnet und Wirbelstro¨me werden nicht beru¨cksichtigt. Entsprechend er-
geben die statischen Simulationen fu¨r beide Wicklungsvarianten auch exakt das gleiche
Ergebnis. Um die dynamischen Vorga¨nge zu untersuchen, wurde das entwickelte Simula-
tionsmodell dahingehend erweitert, dass es eine dynamische Flussverkettungssimulation
erlaubt. Es zeigt sich, dass die ra¨umliche Verlagerung des Stromes aufgrund von Strom-
verdra¨ngung Einfluss auf den Wert der Maschineninduktivita¨t hat. Je weiter der Strom
Richtung Luftspalt verdra¨ngt wird, desto kleiner wird die Induktivita¨t. Dieser Effekt tritt
am deutlichsten in der unausgerichteten Rotorposition auf. Gerade hier fu¨hrt eine gerin-
gere Induktivita¨t zu schnellerem Stromanstieg und damit zu gro¨ßerem Drehmoment.
Als Ergebnis bleibt festzuhalten, dass transiente Flussverkettungsmessungen statischen
Berechnungen vorzuziehen sind, da sie Wirbelstromeffekte mitberu¨cksichtigen und ent-
sprechend das reale Maschinenverhalten besser nachbilden. Modellbasierte Simulationen
der Maschine mit Wicklungsvariante 1 zeigen rund 10 % Unterschied des berechneten
Drehmomentes, je nach dem ob die im Modell zugrundegelegten Flussverkettungstabellen
statisch oder transient bestimmt wurden.
7 Zusammenfassung und Ausblick
Zusammenfassung
Die vorliegende Arbeit bescha¨ftigt sich eingehend mit der Berechnung von Wirbelstrom-
verlusten in den Wicklungen Geschalteter Reluktanzmaschinen. Da in den bekannten Ent-
wicklungswerkzeugen diese Verluste vernachla¨ssigt werden, liefert diese Arbeit einen ent-
scheidenden Beitrag zur Verbesserung des Auslegungsprozesses von Geschalteten Reluk-
tanzmaschinen.
Die Auslegung Geschalteter Reluktanzmaschinen erfolgt u¨blicherweise entweder mit dem
analytisch rechnenden Programm PC-SRD oder mit Hilfe der Methode der Finiten Ele-
mente. Beide Methoden beru¨cksichtigen das stark nicht lineare Maschinenverhalten und
sind daher in der Lage das Betriebsverhalten gut vorherzusagen. Messungen an der Bei-
spielmaschine haben jedoch eine gravierende Abweichung zwischen Messung und Simula-
tion in Bezug auf die erreichbare Dauerleistung ergeben. Die gemessene Nennleistung lag
40 % unterhalb des vorhergesagten Wertes. Der Grund fu¨r diese große Abweichung ist, dass
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Wicklungswirbelstro¨me von ga¨ngigen Entwicklungswerkzeugen vernachla¨ssigt werden, wo-
bei die Gru¨nde fu¨r diese Vernachla¨ssigung wie nachfolgend beschrieben unterschiedlich
sind.
Wie in Kapitel 3 erla¨utert, mu¨ssen fu¨r eine rein analytische Wirbelstromberechnung eini-
ge Randbedingungen eingehalten werden, die bei Geschalteten Reluktanzmaschinen nur
eingeschra¨nkt gu¨ltig sind. So sind die Nutflanken nicht parallel und das Nutstreufeld
ist nicht ausschließlich eindimensional. Entsprechend sind die analytischen Gleichungen
fu¨r Geschaltete Reluktanzmaschinen nicht allgemein gu¨ltig und konsequenter Weise auch
nicht in PC-SRD implementiert.
Finite Elemente Simulationen sind dagegen grundsa¨tzlich in der Lage Wirbelstro¨me in be-
liebigen Anordnungen zu berechnen. Zur Maschinenmodellierung wird in der Praxis jedoch
standardma¨ßig auf virtuelle Spulen zuru¨ckgegriffen, die keine individuelle Modellierung
von Einzelleitern enthalten und daher auch keine Wirbelstromberechnung ermo¨glichen.
Um die dargestellte Einschra¨nkung der ga¨ngigen Auslegungswerkzeuge zu u¨berwinden,
wird in der vorgelegten Arbeit ein komplexes zweidimensionales Finite Elemente Modell
entwickelt, mit dem, unter Beru¨cksichtigung aller wesentlichen Verlustmechanismen, be-
liebige Betriebspunkte einer Geschalteten Reluktanzmaschine transient berechnet werden
ko¨nnen. Ein Grundelement stellt dabei die automatisierte Modellgenerierung dar, welche
die aufwendige Modellierung aller Einzelleiter im Finite Elemente Modell erst ermo¨glicht.
Neben der genauen Bestimmung aller Verluste beinhaltet das Modell auch ein neu ent-
wickeltes Verfahren zur Beru¨cksichtigung der so genannten Endeffekte. Diese beschreiben
den Einfluss der Wickelkopfregionen auf das magnetische Verhalten der Maschine und
haben gerade bei kurzen Maschinen starken Einfluss auf das berechnete Drehmoment.
Verifikationsmessungen besta¨tigen die hohe Genauigkeit des entwickelten Modells sowohl
fu¨r die Wirkungsgrad- als auch fu¨r die Drehmomentberechnung.
Mit Hilfe des neuen Modells wird die Wicklungsgeometrie einer Beispielmaschine auf mi-
nimale Verluste hin optimiert. Dabei erlauben die Simulationsergebnisse eine objekti-
ve Bewertung, inwieweit die Anwendung der oben genannten analytischen Gleichungen
zur Verlustberechnung sinnvoll ist, auch wenn die Randbedingung eines eindimensiona-
len Nutstreufeldes nur bedingt erfu¨llt ist. Es stellt sich heraus, dass die Gleichungen die
realen Verluste zwar unterscha¨tzen, aber dennoch gute Richtwerte fu¨r die zu erwartenden
Wirbelstromverluste liefern. Insbesondere helfen die analytischen Gleichungen dabei, die
optimalen Leiterho¨hen fu¨r eine bestimmte Wicklungsvariante zu bestimmen. In Bezug
auf eine vollsta¨ndige Berechnung der Gesamtverluste und des Wirkungsgrades ko¨nnen
die analytischen Gleichungen das neu entwickelte Finite Elemente Modell jedoch nicht
ersetzen.
Abschließend wird untersucht, wie sich Leiterwirbelstro¨me auf das elektromagnetische
Maschinenverhalten auswirken und damit die Genauigkeit einer modellbasierten Drehmo-
mentregelung beeinflussen. Es zeigt sich, dass Stromverdra¨ngung die Maschineninduktivi-
ta¨t und damit die Flussverkettungscharakteristik stark beeinflussen kann. Entsprechend
ko¨nnen statisch bestimmte Flussverkettungstabellen fehlerhaft sein. Die ho¨chste Genauig-
keit mit modellbasierten Regelungsverfahren wird erreicht, wenn die zugrundegelegten
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Kennfeldtabellen aus Messungen oder aus transienten Simulationen mit Beru¨cksichtigung
von Wirbelstro¨men stammen.
Ausblick
Bei der betrachteten Beispielmaschine mit 16 Statorpolen ergab die Anwendung der ana-
lytischen Gleichungen eine relativ gute Na¨herung der real auftretenden Verluste. Mit sin-
kender Anzahl von Statorpolen werden die Randbedingungen fu¨r die analytische Rech-
nung jedoch immer schlechter erfu¨llt. Daher ist damit zu rechnen, dass die berechneten
Na¨herungen immer schlechter mit der Realita¨t u¨bereinstimmen. Um diesen Zusammen-
hang na¨her zu untersuchen, sollten fu¨r diverse Maschinenkonfigurationen unterschiedlicher
Gro¨ße die Ergebnisse von Simulation und analytischer Na¨herung verglichen werden.
Bezu¨glich der Wirbelstromverlustberechnung sind die Ergebnisse dieser Arbeit auch auf
Permanentmagnetmaschinen mit ausgepra¨gten Statorpolen u¨bertragbar. Aufgrund des
einfacheren Statoraufbaus und der ku¨rzeren Wickelko¨pfe trifft man immer ha¨ufiger auf
diesen Typ der Permanentmagnetmaschine. Da die Statorgeometrie der von Geschalte-
ten Reluktanzmaschinen entspricht, wird erwartet, dass die oben dargestellten Beobach-
tungen bezu¨glich der Anwendbarkeit analytischer Na¨herungen auch hier gelten. Fu¨r eine
genaue Verlustbetrachtung von Wirbelstro¨men in den Wicklungen von Permanentmagnet-
maschinen mu¨sste das vorgestellte Simulationsmodell entsprechend erweitert werden.
Als Ergebnis der vorgeschlagenen Untersuchungen ko¨nnten Geometriegrenzen gefunden
werden, bei deren U¨berschreitung eine analytische Verlustna¨herung nicht mehr sinnvoll
ist. Falls es gelingt, eine solche Eingrenzung vorzunehmen, ko¨nnten analytische Verlustab-
scha¨tzungen in die verbreiteten Entwicklungswerkzeuge eingebunden werden. Dies wa¨re
eine starke Verbesserung des Auslegungsprozesses von Geschalteten Reluktanzmaschinen
und wu¨rde dem Entwickler helfen, unvorhergesehene Leistungseinbußen aufgrund von
Wirbelstromverlusten zu vermeiden.
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